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I. 0 INTRODUCTION

A discussion of the mechanical design of gas-cooled high-temperature

nuclear reactors is presented. Design problems peculiar to this applica-

tion are stressed. GE-ANPD reactor designs, described in the first

lecture, will be used to illustrate the mechanical design aspects. Emphasis

is placed on the ceramic reactor design.

It is probable that the listener cannot use these specific designs, in-

stead he will be able to discern the underlying principles that guided the

designs and apply them to his own problems.

The required attributes of a nuclear reactor in a development cycle

are: performance, reliability, timing, cost and weight. To achieve these

the mechanical engineer reviews input guidance from various sources.

The customer supplies the design requirements (in conjunction with the

monies). The thermal analyst provides temperature distributions relative

to time. The nuclear analyst provides reactor and shield analyses includ-

i_,s corr, ponent heat generation, reactor safety evaluation,etc. The materials

engineer assures material stability through proper material choice and where

property data is lacking, conducts material tests. The test engineer pro-

vides product confidence limits. The fabricator provides economical pro-

cesses in accordance with schedule and quality requirements. The final

outpu_.___t of the mechanical designer is structural analyses, drawings and

product specifications. These assure leaving a minimum of variables to

chance.

The evolution of the final design of a nuclear reactor does not permit

a clear separation of the major design areas. Throughout the design period,

constant integration and coordination of the input data from each of these areas

is required to achieve the design objectives. For this reason, a project, or

team, approach is frequently used to expedite the design process. The mech-

anical design contribution to this team effort is a core configuration incor-

porating practical component designs that satisfy the nuclear, thermal, and

mechanical requirements. The mechanical designer must insure that each

component remains dimensionally stable and retains its structural integrity

and ability to function under anticipated loadings and environmental condi-

tions for the design life.

The usual approach to the mechanical design of reactor components

starts by establishing the design specifications and developing a configuration

that satisfies the requirements. This is followed by a complete stress analysis

and material evaluation. The stress analysis involves: (1} a definition of the

loads imposed on the component, {2) a detailed analytical stress analysis

supported by experimental stress analysis where necessary, and (3) estab-

lishing the failure criteria. The materials evaluation involves: (1} the deter-

mination of the required material properties, (2) an analysis of the material

properties for the intended use, and (3} fabrication development and component



testing. Figure 1 illustrates these steps. It can be seen that failure

of the structural design will result if any of the steps are missing or

if there is a weak link in the design process.
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Z. 0 MAJOR MECHANICAL DESIGN CONSIDERATIONS

The major mechanical design considerations of gas cooled reactors

include material considerations; remote maintenance; quality control;

component testing; structural design methods and criteria, and thermal

stresses. The first two subjects are covered in detail in subsequent

lectures. The third is well covered in the literature and will not be

included here. Component testing of ceramic fuel elements is illustrated

in Section 4.5.3.

Z. 1 STRUCTURAL DESIGN CRITERIA

Establishment of consistent criteria governing the structural design

of mechanical components in load-carrying systems is an essential pre-

requisite to successful design. In a power-generating system, the working

cycle and the required thermodynamic characteristics can be established

independently of the mechanical aspects of the components by merely

assuming that the necessary components exist in the required form. How-

ever, in a nuclear system complicated interrelationships exist between the

nuclear parameters and the poisoning effects of the structural elements of

the reactor that severely influence the nuclear characteristics and the

economics of designing a nuclear power plant. Since nuclear safety is

dependent on the structural reliability to a considerable extent, safety

requirements permit no compromise with the structural reliability of the

components or of the total power plant. Economical utilization of the

nuclear-power plant requires uninterrupted operation free from break-

downs and malfunctioning of components. On the other hand, the nuclear

performance and the economics of building a reactor are adversely

effected if excessive conservatism in the interest of reliability and safety

governs the mechanical design. Therefore, reasonable, but adequate,

criteria must be established during the initial stages of a new reactor

design to guide the mechanical designer in his task of providing minimum

weight and cost consistent with component functional and structural relia-

bility.

Utilization of design criteria is an important step in the achievement

of consistent reliability. Criteria provide the guide lines for the design

process but they do not guarantee that complex problems are accurately

analyzed, or that a completely valid analytical model is practical. Hence,

the utilization of logical design criteria is undoubtedly the basic step

toward achievement of a consistent degree of reliability, but component

and material testing and past experience are elements absolutely essential

in the attainment of a high degree of reliability.

Design criteria constitute an essential aid to the designer; they have

evolved in the past from the need to insure consistency in the conditions

governing the design of various categories of engineering structures and

machines, thus, insuring standards of material quality and public safety.



The _ASMEPressure Vessel Codes are a prime example where the
public safety is served. These codes specify the analytical methods
to be applied when estimating the strength of all types of pressure
vessels; they also specify the material properties, quality and methods
of fabrication that influence strength and serviceability. These criteria
are widely applicable to ground-based and marine-type nuclear power
plants, but are unsuitable for aircraft and space-flight components.

Design criteria may be provided in whole or in part by a requirement

to adhere to existing codes, such as the pressure vessel codes. However,

there is a need for the formulation of a set of consistent design criteria

that specifically apply to gas-cooled high-temperature reactors. Design

criteria and design practice in the aircraft industry essentially provided

the starting point for the set of design criteria that evolved during the GE-

ANPD program. Some of these criteria are repeated here in a somewhat

generalized form as an indication of the current philosophy pertaining to

the logical identification of the design criteria. Criteria such as these

are based upon accepted and practical analytical methods and on the success

of past practices and past experience with materials and their practical

applications.

At the time that design work was begun on the flight prototype GE-ANPD

system, structural design criteria applicable to such a system did not exist.

Design guides developed for submarine reactors were combined with strength

requirements for aircraft turbojets and aircraft structures to arrive at the

following structural design criteria. For additional information reference

16 is recommended.



Limit Loading Criteria

Limit loads are the most severe loads that the reactor could reasonably be expected to

sustain during its service life and still function in accordance with design requirements.

Accordingly, the design is such that neither failure nor excessive deformation of compo-

nents results from subjecting the reactor to the specified limit loads required during the
service life.

The reactor and its supports are designed to withstand the following limit loads, each

acting separately or in any combination that can produce the most severe stress condition,

without failure or permanent deformation.

1. Operational endurance loads

a. Loads due to direct design pressure

b. Loads due to a vertical downward load factor of 1.0, i.e., normal weight loads

c. Loads due to aerodynamic forces (including pressure drop)

d. Loads due to anticipated thermal gradients, either transient or steady state

2. Operational inertial loads

a. Loads due to direct design pressure

b. Loads due to inertial load factors determined by the mode of operation of the

power plant that contains the reactor (See Figur_ Z- 1 )

c. Loads due to aerodynamic forces (including pressure drop)

d. Loads due to anticipated thermal gradients, either transient or steady state

3. Ground operation in aircraft (landing, taxi, and takeoff operations)

a. Loads due to direct design pressure

b. Loads due to inertial load factors set forth in Figure 2-1, under caption

"ground operation in aircraft"

c. Loads due to aerodynamic forces (including pressure drop)

d. Loads due to anticipated thermal gradients, either transient or steady state

4. Ground handling

a. Loads due to direct design pressure, if applicable

b. Loads due to inertial load factors determined by the conditions under which the

reactor or power plant will be transported or handled (See Figure 2- 1 for

airc raft. )

c. Loads due to aerodynamic forces, if applicable

d. Loads due to anticipated thermal gradients_ if applicable

Ultimate Loading Criteria

Ultimate loads are defined as being equivalent to 1.5 times the limit loads, or the

absolute maximum loads that the reactor could be subjected to during its service life.

Subsequent to such loading the reactor would not be required to remain functional, as

ultimate loads cause malfunction due to excessive and permanent deformation of compo-

nents. Accordingly, the reactor and its supports are designed to withstand, without fail-

ure because of rupture, ultimate loads equivalent to 1.5 times the limit loads specified

above. "Failure" is interpreted as including detrimental changes in the systems charac-

5
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4.'{) and "0' are pitching angular velocity and acceleration.

5.'_ and'_are rolling angular velocity and acceleration.

6. Down loads occur during pullout.

7. Fore loads occur during a braked landing.

8. Flight includes landing up to and including touchdown.

FORE

Fig. 2-I - Example of power plant design limit load factors foraircraft

teristics as a result of permanent deflections, or a malfunction within the time required

to complete the mission.

If the reactor operates in an aircraft, or other vehicle, the reactor and its supports

must be designed to withstand crash loads, which act separately or in any combination

to produce the most severe stress conditions, without causing separation of the major

components from the reactor assembly or failure of the reactor supports. Typical con-
ditions are:

1. Loads due to direct design pressure

2. Loads due to inertial load factors acting forward, down, up, or to either side, each

inertial load factor acting independently, i.e., for aircraft, loads are 8G forward,

4. SGdown, 2Gupr and 1. SGtothe side.

3. Loads due to aerodynamic forces (including pressure drop)

4. Loads due to anticipated thermal gradients, either transient or steady state

The reactor is not required to function after being subjected to crash loads.
6



Thermal and Mechanical Stress Combination

The combinations of thermally and mechanically induced stresses are evaluated accord-

ing to the straight line hypothesis graphically presented in Figure 2-2 . The second and

fourth quadrants of the diagram are rectangular, indicating that the assumption is made

that mechanical and thermal stresses of opposite sign do not alleviate each other, i.e.,

it is presumed that conditions will generally exist in which each might act separately. A

point is drawn on this diagram representing the calculated combination of mechanical

(am) and thermal stresses (at) for the given design conditions. If the point fails inside

the diagram, the structures are considered to have adequate structural strength. In the

triangular region a radial line drawn from the origin through the point representing the

state of stress and intersecting the allowable stress line is used to indicate the margin
of safety.

$
m

$
t

Fig. 2-2- ('ornBination stress diagram- thermal and mechanical

In those instances where vibratory stresses are of interest, the combination of mechan-

ical and thermal stresses are combined with the vibratory stresses in a manner similar

to that described above. This is done using the graphical procedure illustrated in Figure

2- 3 • In this straight line relationship Sv represents the allowable alternating stress,

e. g., endurance limit, or fatigue strength for a specified number of cycles, and the

points OA and OB are taken from the nonvibratory stress diagram of Figure 2-2. In

those cases where sufficient experimental data are available for the material under con-

sideration, the proper nonlinear relationship is substituted for the straight-line relation-

ship of Figure 2- 3 .

The margin of safety is computed for the combined mechanical and thermal stresses

by the equation

OB
M.S. =O-X- I (1)

The zero margin of safety line is defined by the line

(rm at
-- +----I (2)
Sm St

7
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Fig. 2-3- Combination stress diagram - vibratory,

thermal, and mechanical
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1
M.S. ---

(_m at

sm st

Sm= allowable mechanical stress, psi

St = allowable thermal stress, psi

Sv = allowable vibratory stress, psi

OB = value of OB in Figure 2-2

OA = value of OA in Figure 2-2

(7m = applied mechanical stress, psi

at = applied thermal stress, psi

(_ = applied vibratory stress, psi

1 = Sm St - 1
am St + _t Sm (3)

The margin of safety for stress combinations occurring in the second and fourth quad-

rants is used as the minimum margin of safety computed for either the mechanical or

thermal stress condition alone.

Composite Service Life Requirements

In the cases where the structural integrity of a component is based on the creep strength

or stress-rupture strength of the material, a method is available for examining the integ-

rity of the component when the total life is governed by a composite mode of operation.

The composite mode of operation is defined as one where the stress and/or temperature

in the component is constant for only one phase of its total life, and is different for each

of the other phases of the component life. In the method used for examining the structural

integrity of the component which undergoes the composite mode of operation, it is assumed

that the various phases can occur in any order and that the integrity of the component is

independent of the order in which the stress and temperatures of the various phases are

applied.

In analyzing composite modes of operation, the expected life of each phase is deter-

mined from stress-rupture or creep-strength curves which are calculated from the

Larson-Miller parameter described in reference 18, where

P = (T + 460) (C + lOgl0t ) x 10 -3 (4)

T - temperature, OF

t = time, hours

C = a constant dependent upon the particular material or class of material. If sufficient

material test data are unavailable to determine the constant, a value of C = 20, in

general, gives good correlation for most high temperature metallic alloys in use.

8



To apply this criterion in a consistent manner itis necessary to know the ratio o/S

(the used-up mechanical stress) inorder to combine itwith the stress used up under con-

ditions of thermal or vibratory stress. Therefore, the various phases are transformed

into equivalent phases having the same stress and temperature levels and an appropriate

equivalent lifefor that phase. This is done using the relationships given in reference 19.

The calculation of an equivalent composite operational phase time isdependent upon the

abilityto trade "time for temperature" and "time for stress."

The relationships used to determine the equivalent life of each phase of the mission are
as follows:

T
lOgl0 t n

where

and

T_ T /_n/mtn = tn (5)

(T n + 460)

(To + 460) (C + log10 tn) - C (6)

(Po- Pn) x 103

m : (TO + 460) (lOgl0 oo - lOgl0 On) (7)

t To = _nlli_rQl_nt tlma r*f th_ .tt,

-n --,......................... plmse
o = stress and temperature of the base phase

n = stresses, temperatures, and time of the nth phase being examined

Po and Pn = Larson-Miller parameters which axe found from the 80 percent strength line, for

the corresponding stress, of the stress-rupture or creep-strength curves for the
material

C = Larson-Miller constant

Sample Composite Life

The application of Equation (5) is illustrated by analyzing a sample composite mode

using the stress-rupture data shown in Figure 2-4 • The mission analyzed consists of

two phases having the following values for stress, temperature, and required life:

Base Phase Data Secondary Phase Data

oo = 20, 000 psi o 1 = 7000 psi

To : 1000°F T 1 = 1200OF

to : 1500 hours tl = I000 hours

The equivalent time corresponding to a uniform base phase temperature can be found

from the following relationship:

T T 1 - 460

lOgl0t 1 = To+460 (20+log10tl)- 20 (8)

so that

t T = 1. 415 x 106 hours (9)

Using the data .curve of Figure Z-4, the two parameters, Po and Pl, corresponding
to 20, 000 psi and 7000 psi respectively, are found to be

Po = 35.2, Pl =40"2



lO0,O00

O-

h'. 10,000

tLl

80% STRENGTH <PTURE

\

\

100032 34 36 38 40 42 44

P-(T + 460)(20 , lOgl0t) x I0 -3

Fig, 2-4 -..%ISI:_21 SST wrought-annealed, ruplur_ told80 percent stress-

rupture curves

The index m can be found from the equation

(Po- Pl) x 103
m =

(T o + 460) (log10 _o - l°gl0 al)

or

(35.2 - 40. 2) x 103
= -7.51

m = (1460)(4. 3010- 3. 38451)

(io)

The equivalent time can then be found from the equation

-
or

(11)

"t = (1. 415 x 106 ) (0. 35) 7. 51 = 537 hours

The final combined equivalent phase is

a o = 20, 000 psi

To = 1000°F

teq = to + tl = 2037 hours.

Entering the curve of Figure 2-5 at a temperature of 1000OF, and extrapolating be-

tween a life of 1000 hours and 5000 hours to obtain a point for 2037-hours life, the cor-

responding value of P is found to be approximately 34. In Figure 2.-4 , reading up from

i0
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a value of P = 34 to the 80 percent strength line, the allowable stress is seen to be 25,000
psL Then, the ratio

Thus, the margin of safety is

__: 20, oo______o= o.s (1 z)
S 25, 000

S
M.S. =_- 1 =+0.25 (13)
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Z. 2 MATERIAL CONSIDERATIONS IN STRUCTURES

The design considerations for the reactor support structure are

comparable to those for a conventional heat exchanger operating at the

same temperature and pressure. However, the nuclear environment

of the reactor necessitates additional considerations with respect to

the selection of the structural materials and with respect to the main-

tenance requirements. One of the aspects of material selection is

the absorption of neutrons. Neutron economy is an important consid-

eration inside the reactor core. Neutron absorbers either shorten

the useful life of the reactor or increase the amount of nuclear fuel

needed for a given power output since they remove neutrons that

could contribute to the fission process. A structural material should

have a low neutron absorption cross section. Although the bulk of

the neutrons that cause fission in hydrogen-moderated reactors are

at, or near, thermal energies, the structural material cannot be

based on thermal cross section comparison. Certain materials,

such as molybdenum, for example, have relatively low thermal

cross sections with large resonance capture cross sections at higher

neutron energies. Therefore, these elements are less desirable than

a material like nickel, which has a higher thermal cross section, but

a lower cross section when integrated over the whole spectrum of the

reactor° The volume and location of the structural material may also

be an important consideration in the structural design.

The effect of reactor radiations upon the structural materials must

also be considered. Dimensional stability and changes in material

properties are the main concerns. The degree to which the material

properties change is a function of the material composition, temperature

of irradiation, and the quantity and energy of the radiation. Generally,

the tensile and yield strengths of structural materials increase with

increasing neutron irradiation. This offers little, if any, benefit to

the designer as the allowable stresses are normally based on unirrad-

iated properties.

The designer is most concerned with the extent to which radiation

reduces the ductility and raises the temperature of the transition from

ductile to brittle fracture under impact loading. A rapid change in

reactor power may cause a thermal transient that can have an effect

similar to a sudden impact. This makes prevention of brittle failure

an essential consideration on the design of the structure. Appreciable

changes in the transition temperature may occur with increasing dosage

at irradiation temperatures below 500°F° Irradiation at temperatures

above 500°F usually results in less damage of this type than irradiation

at lower temperatures, presumably because of concurrent thermal anneal-

in_ of the material. Therefore, structural materials with a low transition

temperature in the unirradiated condition such as austenitic stainless

steels are the most desirable. Radiation damage in structural materials

is discussed in a subsequent lecture.

12



In addition to the nuclear and thermal material properties discussed

above, the mechanical properties, such as tensile strength, impact

strength, and creep strength, must be adequate for the operating

conditions. The reactor structural material should have adequate

corrosion and oxidation resistance in the selected coolant or other

environmental fluid. It also must be possible to fabricate the structural

material in the required shapes and to make joints or welds that are

needed. Compatibility of contacting materials must also be assured at

elevated temperatures. Anisotropic properties must be considered in

design and proper material orientation assured throughout fabrication.

Toxicity and pyrophor_c qualities also must receive prime attention

during handling. Material considerations for reactor components are

of prime importance to the designer and are therefore covered in

separate lectures.

t3



3.0 HIGH TEMPERATURE DESIGN AND THERMAL STRESSES

Among the recurring design problems in a compact gas cooled reactor

are those associated with high temperature levels, the component tran-

sients (temperature-time relation), and the internal heat generated. The

latter• varies over a wide range depending upon the material, reactor power

level, and the location within the reactor assembly. Much design time is

consumed in defining design conditions. A well knit team approach is

required to properly evaluate these complex effects on the design. It is

especially important that "worst cases" or "limiting design cases" be

identified during the preliminary design phases.

In this section are discussed unrestrained thermal expansions, stresses

arising from restrained thermal expansions, transient design problems,

and material thermal stress resistance. Actual designs are used to

illustrate the problems.

3.1 Unrestrained Thermal Expansions

Materials normally expand as they are heated.

unit length (strain) is

The change in length pe r

_th A____I : ¢_ AT (1)
1

where ¢_ is the linear coefficient of thermal expansion and A T is the tempera-

ture change. This thermal expansion can be used to advantage. For example

a tight jar lid can be loosened readily after the metal lid has been heated a

fe'_/v seconds by hot water. In a reactor the differential thermal expansions

between components must be allowed for to prevent binding. A 30 inch

metallic fuel cartridge may grow in length 0.3 inch more than the structural

tube in which it is contained° Thus, pitot tubes and thermocouples must be

initially spaced away from the cartridge end.

When a linear temperature distribution exists in a plate, the plate will

expand as shown in Figure 3.1-1. No stresses will be set up unless the ex-

pansion is restrained. A typical GE-ANPD air cooled control rod was

assembled from short length segments by semi-flexible straps to prevent

bowing and possible seizure due to unequal heating across the diameter, see

Figure 3.1-2. Eccentricity within its guide tube (see Figure 3.1-3), non-

uniform material distribution, and variation in heat flux density across the

rod could contribute to the unequal heating. A typical limiting case tempera-

ture differential across the rod was estimated to be 330°F and the resulting

14
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ECCENTRICITY OF CONTROL ROD
WITHIN A GUIDE TUBE

Fig. 3.1-3-Two extreme cases of eccentricity

of __control rod within a guide tube
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camber of a single segment is shown in Fig. 3. I-4. Thermal camber

is discussed further in Section 4.5.2.2 and equations are given.

3.2 Thermal Stresses

When the free thermal expansions of an element are restricted,

stresses are set up so that each element will have dimensions com-

patible with neighboring elements. If a plate is heated along the

centerline and cooled at the edges as shown in Fig. 3.2-1, stresses

result. If the plate were cut along the hot centerline, two plates

similar to that shown in 'b" result. In order to join the halves into a

single plate again, tensile forces must be applied at the edges and

compressive forces at the center. These forces in an uncut plate

represent the temperature stresses due to internal restraint. 12

In the elastic range of a material, the strain is proportional to

stress, a. The strata in the x direction due to forces in the "x"

Cx = _x (2)
E

where E is the modulus of elasticity. If additional forces exist in the

"y" direction, these cause a dimension change, also in the "x" direct-

ion, according to:

c x = -vo" y ([3)

E

where v is the poisson's ratio. Forces in the "z" direction similarly

produce a strain in the "x" direction:

_x = - vo" z (4)

E

Thus, the cumulative effect of these mechanical stresses results in a

strain

1

ex - E [_ - v ( _ + _z )] (5)x y
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Equation (5) is Hooke's law for a homogeneous and isotropic

material. Poisson's ratio for an isotropic material ranges between

0 and 0.5. When both thermal and mechanical strains exist, the total
strain in the x direction is:

1

x = _ [_x - _(cry+ crz)] + a AT (6)

similarly in the y and z direction:

1

Cy = _ [cry - P(crx + crz)] + czAT (7)

1

ez - E [_z - v(crx + Cry)] + sAT (8)

Several cases of external restraint of thermal expansions will be

considered° Case !: A l!u!form bar rigidly fixed at the ends is heated.

Since the bar is prevented from expanding, _x = 0. Iflateral forces

do not exist, i.e. _y = _z = 0, equation (6)yields;
_L

o - -,_EAT _..
x _ x ("

The negative sign indicates compressive stresses.

Case H: If the bar is heated and rigidly restrained in both the x and

y directions but free to expand in the z direction_. '

Ex = 0, ey 0, orz 0 _ /

x. /
from equation (6) //////////

_x -VCry = -aEAT

from equation (7)

cry -zjcrx = -aEAT
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combining these yields

_E AT
- (9)

_x = _y 1 - p

The strain in the free direction is found from equation

u ( crx+ C;y) + c_AT
Cz - E

Combining the last two equations gives

I + p oIAT (I0)
EZ = I-P ...,

Case IH: If the bar is heatedbut restrained in all three directions, the

three strains are zero and the _resses are

ryE AT

ax = _y CTz = 1- 2v (11)

A perfectly rigid mounting is physically non-existent. However, the

three cases are useful reference points when comparing various

materials or shapes subject to temperature changes. A useful para-

meter (single restraint) is

7 =
c_E AT

where ), is a factor dependent on the geometry of the physical system

and a measure of its rigidity. A free expansion is denoted by ), = 0

while 7, = 1 denotes complete restraint in one dimension. (), =

1 _- for complete restraint in N-dimensions: N = 1, 2, 3).
1-

Case IV: Partial Restraint

The struts a, b and c join two "rigid" blocks. Struts a and c are of

equal area, A and temperature To. Strut b has an area _ amd a

2
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temperature T O + AT. The struts are of a common

material. Find the thermal stress in b and the

amount of restraint.

Assume sufficient section in the strut to prevent

buckling. Since no external mechanical loads are

present, the loads in the three struts must be "self-

equilibrating", this condition is common to all

thermal stress problems in which there are no

external constraints.

The change in strut lengths is equal, thus

-_'1- I

Ea = Eb = Ec (12)

Since equilibrium exists, the net force is zero, i.e. :

ZF= 0

A

A-_a +--2" _b + ACTc 0

and the stress in strut b is:

_b = -4_a
(13)

From equation (12),

c = (ofT o + _) = Eb = (c_T o +etA-T-+ )a E
(14)

Therefore

_a - ab = E_AT
(15)

Substituting (8) into (10) yields

GR - 5
EcJAT (16)
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and

4
cr_ = - olEAT

b 5
(17)

Therefore the degree of restraint on strut b is

7= -0.8

It should be noted that any change in material ( a and E properties),

strut cross sectional area ratio, or the temperature difference will

change the stress level. Case IV is analogous to the differential

thermal expansion problem for a cladding bonded to the surface of a

fuel element. This problem is discussed in greater detail in the

appendix.

A common misconception with regard to the factor 7, is that it

cannot exceed the value y = 1/1-(N-I):,. Consider a problem

identical to Case IV except that narrow slits

have been added to bar b as illustrated.

The slits are so narrow that the overall

stiffness of bar b is essentially unaltered

in the elastic range.

bar b will still be

Therefore the load in

Denoting the cross-sectional area of the bar at the slits by As, the

nominal stress on this section will be

_bs - A s uEAT (19)

In addition, there will be a stress concentration at the root of these

slits. Denoting the stress concentration factor by K, the maximum

stress in bar b is

°'bmax - 5
_E AT (20)
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Therefore

I - K (21)

The stress concentration factor can easily be as high as 5 if the

radius at the root of the slits is small, and the area ratio can be

almost any value greater than unity. Suppose both K and the area

ratio are 5.0 then

171- (2/5) (5) (5)- 10 (22)

A stress raiser of this nature can produce premature failure in

brittle materials or a serious strain concentration in ductile materials

which will greatly reduce the cyclic life of the component. A stress

raiser of this nature in a design would be representative of very poor

design practice. It is the type of thing referred to by Thompson and

Rogers t17 statemerlt' "An ingenious design to eliminate thermal

stresses is preferable to an ingenious calculation of an inferior

design."

Case V: Internal Restraint

The case of a plate subject to a temperature

distribution symmetric about the mid-plane as

illustrated is an example of internal or "self"

restraint. Away from the edges of the plate,

the maximum thermal stress for this case

occurs at the surfaces and has the value

Y

amax = qys - 1-v

Ecz (T-T)
S (23)

where T =

T=
S

Average temperature

Surface temperature

In general, the maximum stresses will occur at a surface, and for

bodies with one or more degrees of symmetry the equation for calcu-

lating the maximum stress can be put in a form analogous to (23) but

utilizing the factor v.
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This form is

Cmax = _,E_AT

where

AT = T - T s

The following table gives values of r for several simple shapes.

Shape

Thin Plate

(1)

(2)

Thin Circular

Disk

Long Solid

Cylinder

Long Hollow

Cylinder

Representative Temperature
Profile

."..........................??i

I

I°0

1.0
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The temperature distributions used in these calculations are obtained

independently of the stress solutions, i.e., the thermoelastic equations

are uncoupled. (Boley and Weiner 20 discuss the coupled thermo-

elastic equations but show that for the vast majority of engineering prob-

lems the coupling effect need not be considered. ) Therefore, the stress

solution is quasi-static in the sense that it is the static stress solution

for the transient (or steady) temperature distribution at a given instant

of time.

Boiey and Weiner also discuss the problem of dynamic coupling, i.e.,

inertia effects in thermal shock problems. Again the conclu'_ion reached

is that rarely if ever is it necessary to include these effects in practical

engineering problems.

The ANPD ceramic fuel element was basically a long cylindrical tube.

The details of the stress analysis of this element are discussed in the

appendix.

3.3 Transient Conditions

As noted in the previous section, the thermal stress calculations are

essentially static. Transient thermal stress levels can be significantly

improved through the use of good design practice. This can be accom-

plished by several means (I) reducing the degree of internal restraint

by reducing the size of the pieces involved, (2) reducing and/or delay-

ing the maximum temperature gradients through the use of insulation or

controlled coolant flow and (3) changing materials. The latter is fre-

quently not possible due to the nuclear requirements of the system.

The 140E forward reflector illustrates the use of insulation to reduce

temperature differences occurring during reactor scram conditions.

The beryllium reflector consisted of twelve 30 ° sectors arranged to form

a perforated circular plate just forward of the ceramic tube bundle.

It served as a neutron reflector and restrained the ceramics during

forward inertia loads. The perforations permitted coolant flow to the

active core and side reflector regions.

Thermal stresses in the plate during steady-state conditions were

negligible when compared to those for transient conditions. Immediately

after shutdown when the inlet air temperature dropped rapidly, the

plate temperature ahead of the side reflector lagged that of the active

core region due to the larger heat removal capability in the latter region

(an order of magnitude). Insulation placed in the perforation in the form
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of a thin walled tube in the area ahead of the active core provided a

sufficient temperature lag, thus minimizing the temperature difference.

The lower curve of Fig. 3.3-1 shows the margin of safety in the beryl-

lium plate for the uncorrected condition. The upper curve illustrates

the design fix..

Suddenly Cooled Flat Plate

As another example of transient solutions consider the problem of

a flat Plate initially at a uniform temperature T = To. If the lateral

surfaces of the plate are suddenly exposed to a coolant with

temperature, Ta, and film heat transfer coefficient, h, at time

zero, the resulting "tkermal shock'_ will produce a transient thermal

stress condition. The maximum stress level and also the time of

occurrence of the maximum stress will depend on the value of Biot' s

modulus, _ = hL/k, where L = one-half the plate thickness and k =

the conductivity 6f the plate material. Figure 3. $-2 is a non-

dimensional plot of maximum stress and time of maximum stress

versus Biot's modulus.
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3.4 SPECIAL MATERIALS CONSIDERATIONS

The thermal stress problems discussed so far have assumed that the

material is {1) homogenous -i.e., has the same properties at every

point of the body, (Z) isotropic - i.e., that the properties of the material

at a point are the same in all directions and (3) the materials properties

(locally) are not temperature dependent.

The first assumption is generally quite good for most engineering

materials provided the process quality control is good.

The assumption of isotropy is not always valid. Some forms of graph-

ite are highly anisotropic. The following discussion should give some

idea of the added complexity in thermal stress analysis arising from

anisotropy. For the completely isotropic material considered so far,

there are only two basic material constants {E,v) required to define the

elastic response (stress strain-relations). For a completely aniso-

tropic material, there are in general 36 elastic constants _1 required

to define the elastic response plus 6 thermal expansion coefficients.

Fortunately it has been shown from basic thermodynamic consider-

ations that only 21 of the 36 elastic constants are independent, but

even this does not make the problem tenable. No general thermal

stress solutions are available for the completely anisotropic material.

Most materials exhibit some degree of isotropy. A special case of

interest is the orthotropic material which has three planes of elastic

symmetry and requires 9 elastic constants to define its elastic response.

Some of the graphites - notably pyrolytic graphite - are representa-

tive of another class of orthotropic materials referred to as monotropic

materials which exhibit elastic symmetry about a plane and also about

an axis normal to this plane. These materials require 5 elastic con-

stants to define their elastic response. Garber zZ gives a very good

discussion of thermal stresses in heat shields of pyrolytic graphite.

Generally, as in the case of pyrolytic graphite, there will be aniso-

tropy of other properties also, e.g., conductivity, associated with the

elastic anisotropy, which adds additional complications to the analysis.

For a single significant thermal cycle, e.g., as in the case of the heat

shield, the added complications of analysis are easily justified since

the associated anisotropy of the conductivity is extremely beneficial in

the heat shield problem. However, in problems involving high cyclic

thermal strains, the presence of elastic anisotropy is generally undesir-

able since it greatly reduces the life of the component.

The final assumption of local independence of material properties on

temperature is valid provided the local temperature variations from

the mean are small (of the order of 100°F or less). However each

problem should be evaluated on its own merits to determine the validity

of this assumption.
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Flow and Failure Criterion

Frequently engineers confuse failure criterion with inelastic flow

criterion. The latter defines the boundary between the elastic and

inelastic domains of a state of stress in a body. The VonMises-Hencky

or Tresca conditions are the generally accepted criteria for the initi-

ation of inelastic deformations. The Tresca condition is simpler to

apply in hand calculations since it is expressed in terms of a limiting

value of the maximum shear stress while the VonMises-Hencky condi-

tion is expressed in terms of the second invariant of the deviatoric

stress tensor, which is an unfamiliar quantity to most practicing

engineers. When computer solutions are used however, there is

little difference in the calculation time for the two methods and there-

fore the VonMises-Hencky condition is generally used since it is in

closer agreement with experimental results.

The failure criterion for materials is not nearly as well defined as

the flow criterion. For brittle materials, the maximum principle

stress failure criterion is generally used due to its simplicity. The

other more common failure theories for brittle materials are (i) Mohr's

theory of strength which includes the effect of mean stress on failure.

Nadai 23 gives a very complete discussion of Mohr's theory of failure,

(Z) Griffith crack propogation criteria and (3) Weibell's statistical

approach. In general, the last two are very difficult to apply in prac-

tice and are not recommended for most engineering applications.

Failure of ductile materials is extremely difficult to predict with any

degree of accuracy except in the very simplest of problems. As a

result, the approach taken is to place a limit on the total inelastic

deformation in a single cycle or a limit on the maximum plastic strain

per cycle for multiple cycles.

In the event of multiple cycles of varying amplitude, a "cumulative

damage" criterion is used to account of the fraction of the structures

useful life which is expended by the number of cycles associated with

each particular amplitude.

The most commonly used cumulative damage criterion is that due to
Minor which-states that

m nick

i=l
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whe r e:

n i is the number of cycles associated with the i-th amplitude.

N i is the allowable cyclic life if only cycles of the i-th amplitude

are involved.

k is a constant associated with the specific material. Generally

k--<l. 0 but for some materials may be as high as 3.0. However

a value greater than 1.0 should not be used unless a very large

amount of experimental evidence is available in support of the

higher value.

m is the number of different significant amplitude values.
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4.0 CERAMIC REACTORS

4.1 INTRODUCTION

Becaus.e of their great thermal stability and refractory nature, ceramic

materials_appear to be especially suited for use in reactors operating

at elevated temperature approaching and even exceeding the melting

point of the high temperature-alloys.

The ceramic reactors considered herein are beryllium moderated

(the beryllium is in the form of BeO) and fueled with fully enriched uranium

(the uranium is in the form of UO2). Fuel elements are in the shape of

small tubes fabricated from a basic ceramic matrix of UOz uniformly dis-

persed in BeO. Various additives and cladding are used to perform

specific function s.

The technology described herein is based upon the development of

ceramic reactors to be used in direct air cycle nuclear turbojets, and

these reactors are used to illustrate the design principles being described.

The principles, however, are applicable to generalized gas cooled, high

temperature reactors, requiring only the usage of the proper physical,

chemical, and nuclear properties of the gas coolant.

A number of ceramic materials were recognized as having potential

value as fuel-carrying materials due to their inherent refractory proper-

ties and good strength at the desired temperature levels. Thus, feasi-

bility studies toward a ceramic fuel element began in 1953 with the

nuclear ramjet missile as an initial application. During this time research

studies were conducted on silicon carbide (SIC), molybdenum disilicide

(MoSi2), beryllia (BeO), magnesium oxide (MgO), zirconia (ZrOz), and

alumina (Al 203).

Engineering investigations conducted concurrently with the material

studies identified a number of requirements and system characteristics.

To minimize the fuel inventory, an epithermal neutron spectrum was

chosen and a good neutron moderator became a material requirement.

A nearly homogeneous fuel element was obtained by dispersing the fuel

in a ceramic moderator. Uranium dioxide, UO2, converts to a more

volatile oxide in the presence of oxygen at the desired operating tempera-

tures and fuel loss was greatly reduced by the addition of a stabilizer

to the fuel. Fully enriched uranium was necessary to assure a compact

reactor. A low thermal neutron absorption cross section of the ceramic

material, and high retention of fission products and fuel to 3000°F when

using air as the coolant were added objectives. An adherent coating to

protect beryllia against water-vapor corrosion is desired when beryllia

temperatures exceed 2100°F and long time operation in air is required.

The principal effect of water vapor corrosion is to increase the rough-

ness of the surface and thereby reduce the airflow in the affected tubes.
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Void fractions for airflow of between 40 and 50 percent were indicated.

A multitude of small cooling passages parallel to the core axis appeared

natural, and a large heat transfer surface was necessary to lower the

wall temperature. Small diameter tubes were required to minimize

heat removal thermal stresses.

In addition to their many desirable characteristics, ceramic materials

exhibit several undesirable characteristics that must be mitigated by

careful engineering design. They are weak in tension (compared to the

compressive strength), have poor resistance to mechanical shock and

thermal stress, and are relative17 expensive to fabricate into component

shapes if hot pressing and final machining are required. To take advan-

tage of the desirable properties of the ceramic while minimizing the

undesirable characteristics, the following design philosophy was adopted:

1. The fueled components must be small simple shapes to minimize

thermal stress and thermal shock conditions.

Z. The shapes must lend themselves to rapid and automatic manu-

facturing processes to minimize production costs.

5. The design configuration should assure that mechanical and aero-

dynamic loads produce primarily compressive stresses in the

ceramic parts while air-cooled metallic parts take the tensile loads.

Beryllia is the most desirable available material. A small tubular

shape is chosen for the fuel element, to be fabricated by the extrusion

process. A single, rather than multiple, passage unit fuel element is

selected to assure a higher yield through more effective process control;

this is an especially pertinent factor when cladding is used in the coolant

passage. To minimize capture of thermal neutrons and to assure a more

uniform radial temperature through the core, metallic cells or contain-

ment structure within the core are eliminated. Small ceramic pieces,

per se, require many parts; this in turn increases the probability o5

failure and requires a configuration in which the load paths are redundant.

Structural failures of ceramic materials may occur as breaks or cracks.

The configuration should provide redistribution of load around the failed

member while assuring containment and, if possible, alignment of the

pieces. Thus, the small ceramic parts should be snugly assembled and

maintained as a unit through external compression by cooler metallic

supports.

4. Z DESCRIPTION

Two configurations were explored in detail. The first was a network of

beryllia slabs forming triangular cells in which loose hexagonal or round

fueled tubes were placed, see Fig. 4. Z-1. Compressior_rom the peri-

phery of the cylindrical bundle maintained the cellular structure. The

slabs represented approximately one haLf of the moderator fraction - the
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fuel tubes the other half. Air-cooled metallic tubes, penetrating the

slab system at each apex to the triangle, served as axial support

structure. The reactor pressure drop load was carried by these tubes

to the forward shield plug.

A second configuration, the D141A-1 reactor, used hexagonal ceramic

tubes as unit building blocks. The portion of the reactor constituting

the active core contained fueled tubes in which the ceramic matrix acted

as both moderator and fuel carrier. The unit building block concept

was used also in an outer annular region comprising the outer reflector.

The tube bundle was contained in, and supported by external metallic

radial and axial support systems. As in the DI01E reactor, cooling air

was channeled through circular bores in the tubes. The D141A-1 is

shown in Figures 4.2-2 and 4.2-3.

4.3 SIGNIFICANT DESIGN FACTORS

Mechanical design restraints are implicit in any reactor application.

A cladding on a beryllia-base fuel element would be superfluous in a

closed cycle system with an inert gas coolant. A short-life core may

not need built-in maintainability, and a long-life reactor requiring large

fuel inventory for burnup allowances may permit a metallic structure

within the reactor to assure easy fuel reloading. Therefore, the require-

ments assumed in this text are the narrow restraints of the GE-ANPD

objectives. Other applications may follow different, and possibly less

stringent, paths. The general design criteria of section 2.1 are used

and axial, or straight-through, airflow through the reactor is assumed.

4.3.1 Configuration Considerations

When minimizing the core diameter to assure a minimum shield weight,

fuel element surface temperatures are pushed to the maximum allowable

levels and flattened axially as much as is practical or feasible. Tempera-

ture-limited metallic structure is avoided as much as possible.

A ceramic moderated, straight-through flow reactor approximates a

large cylinder pierced with many small coolant passages parallel to its

axis. If hole spacing is varied, the radial power flattening may be

readily accomplished. If the overall diameter is in the order of several

feet, fabrication as a unit is not likely. Another extreme is an assembly

of small fuel elements having a single flow passage such as employed in

the design. This permits fabrication control, but greatly complicates

the mechanical design of supporting devices.

A dominant factor in configuration considerations is that failure of

some of the multitude of ceramic elements is inevitable. Recognition of

this fact is paramount. Ceramics are highly sensitive to flaws, stress

concentrations, and fabrication inconsistencies. The strength of the

°
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material follows a different distribution curve from that of the unit

stresses at various locations. Both distributions exhibit scatter above

and below their average values, and a finite probability of obtaining

low strengths combined with high stresses exists. This is visualized

qualitatively in Figure 4.3.1-1. The fraction of elements in the cross-

hatched areas have unit stresses in excess of their internal strength

and fracture of the ceramic material is likely to occur. To reduce the

overlap (and fractures), the spread between the average strength and

average stress must be increased and the variability in strength and

stress decreased. Fractures are normally classed in three categories;

(1) transverse breaks, (2) splitting along the axis, and (3) spalling or

flaking, especially at the ends.

Occasional fractures are not catastropic or even harmful if the con-

figuration supplies external restraints to confine the pieces and

provides for redistribution of load around the failed piece or pieces.

Confinement implies maintaining the pieces in their original position

to assure alignment while simultaneously preventing channel blockage.

This load redistribution is best accomplished by a redundant structure.

Designs wherein unfueled ceramics serve as radial structure have

been used. Larger pieces, which can be fitted into cells for containing

the fuel element, are permitted because of their lower thermal stresses,

but failure of these pieces must not impair reliability. When the fueled

ceramic and the unfueled structure both serve as moderator, their

volume fraction ratios can be adjusted to obtain significant changes in

thermal stresses.

4.3.2 Design Principles of the Slab and Tube Concept

If some of the moderator is removed from the fuel element matrix

without changing the net fuel loading or the heat transfer geometry, the

volume of fueled matrix is reduced and thinner fuel element walls result.

The fuel concentration necessarily increases, and is a limiting materials

factor in the overall design. Thermal stresses are proportional to the

volumetric coefficient of heat generation and the square of the wall thick-

ness. Since the coefficient of heat generation is inversely proportional

to the wall thickness, it is apparent that the net result of decreasing the

wall thickness and increasing the fuel concentrati6n is a reduction in

thermal stresses.

4.3.2. 1 Thermal Stress Considerations

The major design problem in a slab and tube reactor is the thermal

stress'_problem in the relatively large structure-moderator slabs. This

problem is not due solely to the normal temperature gradient resulting

from internal heat generation, but is due also to gradients which result

from variations in the heating rate throughout the slab and variations in
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the heat removal conditions over the surfaces of the slabs. The gross

effects of the latter conditions on thermal stresses are difficult to pre-

dict but probably are far more serious than the basic thermal stresses

due to internal heat generation.

Any large core component has widely varying temperature distribu-

tions and it is advisable to eliminate these components whenever this

can be done without penalizing the integrity of the mechanical structure.

Basically, this is the design philosophy that leads to the tube bundle

concept.

Assuming the same design requirements for a slab and tube reacto'r

and a tube bundle reactor, several characteristics would be approxi-

mately the same in each reactor. These characteristics are as follows:

Dimensional

Overall size

Void volume

Moderator volume

Number of coolant passages

Hydraulic diameter of coolant passages

Heat transfer surface area

The rmal

Total power

Surface heat flux

If the ratio of wall thickness to diameter is small for a tube with

internal heat generation, the maximum tensile thermal stress in the tube,

based on elastic theory, is given by the following equation:

0_Ig _' ''t 23k (i - %, ) (I)

where:

E

k

%,

q,,,

t

= Thermal stress

= Coefficient of thermal expansion

= Modulus of elasticity

= Thermal conductivity

= Poisson'_ ratio

= Volumetric coefficient of heat generation
= Wall thickne s s •

The bracketed term in the Equation (1) contains as variables only
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materials properties and may be treated as a single materials factor,

M, which can be evaluated as a function of temperature. Assuming

heat transfer from one side only, the surface heat flux, q: ', is the

product of the power density and the wall thickness, and the stress

equation can be rewritten as _ = Mq' 't. This expression shows

that the thermal stress is directly proportional to the wall thickness

for a given surface heat flux.

The 101E reactor studies led to geometries wherein the fuel

elements comprised approximately one-half the total moderator

volume. Since in a tube bundle reactor almost all of the BeO is

fueled, the wall thicknesses of the fuel element are approximately

twice as great as those in the 101E design to retain the same modera-

tor volume. Therefore, the thermal stress in the slab and tube

reactor fuel element is approximately one-half that in a tube bundle

design. This may become a significant factor depending upon the

actual stress limitations and the possible consequences of fuel element

rupture due to thermal stress.

4.3. Z. 2 Structural Integrity of the Slab Cellular Walls

Boundary conditions of the slab cellular walls are established by

the spring rate of the radial support system. Internal loads at each

apex are calculated by a unit analysis condition and most of the apexes

are identical, with difference occurring only at the half slabs. Most

of the slab members are equal in length and cross section, thereby

allowing use of actual loads rather than displacements. The specific

load paths are determined by the following steps in a numerical relaxa-

tion technique :

i. Loads in the various members are assumed. These assumed

loads are based on previously calculated outer member loads.

2. Internal loads are applied to the apexes and the summation of

horizontal and vertical force is made equal to zero. Unbalanced

forces are balanced by equal and opposite forces at the apexes,

and referred to as residual forces.

3. The residual forces are distributed to adjacent apexes until they

become zero or approach a permissible error. This iteration

alters individual slab loads until exact slab loads are obtained.

4. The summations of forces at each apex are checked for accuracy.

Errors are eliminated by repeating the relaxation procedure until

the permissible refinement is obtained.

Specific loads and load paths in the 101E slab structure are shown in

Figure 4.3.2. Z-1 for a 4G vertical and a 1G horizontal dynamic load.

For the 90 cell arrangement, loads are introduced at the 24 peripheral

junctions through a hydrostatic-type radial support system which

assures that no peripheral shear stresses on the matrix are required.
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Preload is set to allow the load of the least-loaded spring to approach

zero at the time of the maximum deflection due to acceleration forces.

These external loads are identified as the outer member loads.

The short term compressive and bearing stresses in the maximum

loaded slab, 628.5 pounds in Figure 4.3.2.2-i, are Z75 psi in com-

pression and 400 psi in load bearing at the 60-degree bevel at the

apex. Mechanical stresses in the slabs are not excessive.

Tests of the structural integrity of the slab assembly included

vibration, thermal cycling to 1000°F, simulated differential expan-

sion among slabs, simulated broken slabs, various radial pressures,

removal of radial loads locally, load distribution, and variation in

cell dimensions. The three tier mockup is shown in Figure 4.3.2.2-2.

The tests revealed a tendency for failures to develop in the walls of

the half cells. Ceramic gussets similar to a short hexagonal tube

were placed at the apex to limit displacements with flat rather than

beveled load-bearing edges. (This is the only required function of

the gusset.) The apex at, one half-cell, with its gusset removed,

became distorted due to the wedging action of the 60-degree beveled

edges of the slabs.

The longitudinal structure consists of small triangular retainer

plates held axially by tension tubes which pass through the apexes

of the moderator slabs. Considerable alleviation in the temperature

distributions on the face of the slabs is achievable by repositioning

the tension members at the center of every other cell. A hexagonal

retainer plate pattern, for example, would be satisfactory. A

reliability feature may be incorporated with the triangular plate

supported on the three edges so that, even when cracked into two

pieces, its original function is retained. Edge support may be

effected by setting the plate into small slots within the aft-most tier

of moderator slabs, or resting on ribs beneath the slabs. A reduction

in thermal stresses, especially during transients, may be achieved by

routing slab cooling-air between retainer plates rather than through

them. This is readily achieved with edge-supported triangular plates

in combination with internally cooled moderator slabs.

4.3.2.3 Moderator Slab Cooling Characteristics

The moderator secondary heating rates varied by a factor of two

along the radius of the core. The initial implications of a large radial

variation is that, unless some means is provided for selectively cooling

each slab, a similar variation will exist in slab temperatures.

Adjacent fuel tubes exerted a strong dempening influence when modera-

tor temperatures tend to differ from tube temperatures, and mitigates

large variations. However, it is desirable to provide reductions in
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radial temperature variations since these variations are undesirable

from the following standpoints:

1. Core performance. The moderator coolant would be appreciably

cooler on the outer radius of the active core and lead to a lower

mixed exit-air temperature.

2. Core distortion. Differential expansion of components within

the core due to variation in temperature may lead to misalign-

ment, flow restrictions, local hot spots, and excessive stresses

in structural components.

3. Additional internal temperature gradients. Excessive nonlinear

temperature gradients in some of the ceramic components may

cause mechanical failure (cracking) of these components.

Since a criterion in moderator design is achievement of a relatively

flat radial temperature profile through the core, slab temperatures

should approximately equal the fuel tube temperatures. To c_rrnpensate

for the gross radial variation in moderator heating, the cooling holes

should be sized so that similar moderator-surface and bulk-air tempera-

ture profiles are obtained at any radial position. Figure 4.3. Z. 3-1

shows the variation in hole size required as a function of core radius to

give maximum surface temperatures equal to the maximum inner surface

temperature of the average tube.

However, it is more desirable from a manufacturing and assembling

point of view to maintain a constant size for each cooling hole within a

single slab and to limit the number of such variations as much as

possible. Accordingly, the 101E core was divided into three regions

and one hole size specified for all slabl lying within each region. If

further temperature flattening had been desired in those slabs which were

not situated at the average position for a region, it would have been

accomplished by preferentially restricting the flow through the holes in

each slab within an orifice plate.

4.3. Z. 4 Thermal Stress in Slabs

Thermal stresses in the moderator slabs are caused by two tempera-

ture gradients, those varying laterally across the face of the slabs and

those varying transversely through the thickness of the slabs.

Internal thermal stresses in an unrestrained slab are a function of

the magnitude of the maximum deviations from a linear internal tempera-

ture profile. One profitable design change was splitting the slab in half

as shown in Figure 4.3. Z. 4-1. This not only permitted better control of

the moderator cooling air but also provided a reduction in thermal

stresses by a factor of four. Figure 4.3.2.4-Z shows typical internal

temperature profiles through a slab thickness and indicates this deviation

to be reduced by a factor of four when the slab is split in ha]/. This
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relationship still holds even if the profile is not symmetrical as shown

therein. Since the split slabs are cooled by air flowing through holes,

the exact internal temperature profiles can not be obtained by a simple

slab analysis wherein cooling exists over one complete surface.

Figure 4.3.2.4-3 shows the configuration which was considered for the

101E reactor and the internal temperature profiles for this configuration.

A comparison of Figures 4.3.2.4-2 and 4.3.2.4-3 shows the difference

for one situation to be 59°F versus 63°F for the other. The more exact

temperature profiles of the latter geometry was obtained through the use

of a 28 nodal point solution. Cooling was shifted to the interior surface

in preference to the exterior to permit the slabs to bow in an unrestrained

m ann e r.

An analysis was made to determine the lateral temperature profiles

across the vertical face of the slab between two parallel control rod and

guide tube assemblies. These profiles vary for every position in the core

and an exact solution must take into account many factors which compli-

cate the analysis to the point where it is impossible to get a solution for

even one specific core location without expending an unreasonable amount

of time and effort. Some of these are as follows:

i. Variation in internal heating rates longitudinally, radially, and

locally because of the presence or absence of a control rod.

2. Variation in coolant flow and temperature in each cooling channel.

3. Influence of adjacent fuel tubes which may differ in temperature

and internal heat generation, and do not have the same longi-

tudinal variation in heating rates.

4. Influence of heat losses to control rod cooling air.

5. Longitudinal and lateral conduction within a slab.

6. Variations from nominal mechanical configurations.

The analysis consisted of a 49 nodal point solution for one horizontal

plane through a slab, assuming the following conditions:

i. Uniform heat generation rates.

Z. Uniform cooling flow rates and temperatures in all holes.

3. Adjacent fuel tubes had no influence on slab temperatures.

4. All nominal dimensions.

5. Lateral heat conduction.

Figure 4.34 2.4-4 shows the results of this analysis on a dimension-

less parameter basis and for a point of maximum internal heat generation

within the core. For simplicity, only, one of the four lateral profiles is

shown. (The three profiles not shown occurred at different locations

within the slab.) It is seen here that the case of 4 percent of the modera-

tor heat going to the control rod and guide tube coolant gives a fairly flat

temperature profile. Deviations from the flat temperature profile assume

a general parabolic shape; allowing for the various assumptions made in
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this analysis, it seems realistic to expect maximum temperature

variations in the order of 150°F in actual reactor operation.

Basic solutions exist for slabs of infinite length, i.e., solutions

which are valid only at distances far removed from the ends and

edges of the slab. The end effects of the finite length on thermal

stress distributions are difficult to derive because the basic

diffe rential equations are two-dimensional rathe r than one-dimen-

sional. Dimensions and the coordinate system used in the analysis

are shown in Figure 4.3.2.4-5. Thermal stresses were determined

for the three temperature gradients shown in Figure 4.3.2.4-6.

Temperature gradients are shown for a parabolic temperature dis-

tribution, _ a distribution identified as T71 6, and a distorted tempera-

ture distribution. The T71 6 gradient is the same as a temperature

distribution which was used in a thermal stress development test to

crack a moderator slab. The Tdist gradient represents a typical

distorted temperature profile in the slab that may result from causes

such as perturbed cooling along the edges of the slab, or by the

presence of control rods at the apex of each triangle.

Several methods were used in the analysis to include the effect of

v_.^ 1^__,4 on the stress distribution in the slain. The most

effective method was developed by Ross.(12) It was extremely

simple but exact in the case of parabolic temperature gradients. This

method makes use of an analogy between thermal stresses in slabs

and the stresses developed in thin flat plates clamped along their edges

and surface loaded by a pressure distribution determined by the

temperature distribution of the original thermal stress problem. For

the particular case in which the temperature is parabolic in one

direction, i.e., parabolic in one direction and constant or linearly

varying in l_he other direction, the thermal stresses are found from

analogy with a thin plate clamped at the edges and loaded by a uniform

surface pressure. Although the solution is complicated, a great deal

of work has been done in developing and tabulating the results of these

solutions for clamped-plate bending.

4.3.3 Tube Bundle Considerations
i ,

The tightly packed bundle of hexagonal fuel-moderator pieces satis-

fied requirements for reliability. As shown in numerous tests, con-

finement of fractured elements is complete. Load redistribution is

achieved, even to the extent of bridging around large voids or cavities

up to 30 times the across-flats dimension of one tube. Load concentra-

tion _lue to such bridging has been shown to be low. The development

of this structural configuration is a significant advancement in ceramic

reactor technology.

Design principles, details, and supporting development testing of the
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tube bundle is emphasized in the following text. The material pre-

sented includes the obvious tolerance stackup problems as well as

the not so obvious load distributions occurring within the bundle

during _ateral accelerations. To prevent undue loads on the fuel

tubes, it is necessary to determine the minimum pressure to

maintain the bundle as an integral cylinder. Thermal expansion

clearances are not provided locally for the fuel element, and these

displacements accumulate at the outer boundaries of the bundle

where relatively large differential motions are experienced that

impose design restraints on the external structure. Maximum loads

on the tubes are not easily established in the redundant structure;

limiting cases rather than exact analyses are employed.

Mechanical stresses in fuel tubes within the bundle are primarily

determined by the solid fraction in the core and are independent of

size, i.e., dimension across flats. The thermal stresses are

dependent on wall thickness. Therefore, to minimize the combined

stresses a small, thin-wall tube is used. Increased pressure drop

as well as possible clogging and misalignment are considerations in

fixing the minimum size passage. The external tube size should be

held as large as feasible to reduce the mechanical stresses greatly

as well as the number of pieces in the tube bundle, thereby minimiz-

ing fabrication and handling costs. Furthermore, with extremely

small sizes, twisting or turning of the elements may occur especially

near the cooler outer reflector region.

At high temperatures combined stresses in the fuel element may be

relieved through creep or relaxation. However, upon return to room

temperature the fuel element may experience a stress greater than

the initial operating stress because of the high temperature yielding,

and the stresses may be reversed. Fracture may occur during the

shutdown cycle rather than during operation. Also, the modulus of

rupture of the beryllia-base fuel element may be less at room tem-

perature than at operating temperature.

Peripheral compression is maintained on the tube bundle by the

radial support system to assure a unit assembly. Further, the external

support limits the eccentricity of the bundle, including _.11atdue to

lateral acceleration forces. The system utilized springs to compress

the bundle by reacting against a large cylindrical sheIl_ Since _e

spring is the critical component of the system, many are provided to

assure a redundant system in Which the malfunction of a few parts will

not impair the system usefulness.

The reactor discharge-air temperature and local temperature profiles

are the principal limits in choosing the type of axial support system.

Three basic support types are discussed in the text. One consists of

small retainer plates held in position axially by tension members which
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pierce the tube bundle. For high discharge-air temperatures,

internal cooling may be necessary for the retainer plates. A second

system is discussed wherein 1Z circular sectors provide support

for the aft face of the bundle. These have external insulation for

isolation from the high temperature environment and are internally

cooled. A third type employs a refractory material built up into a

dome, or Roman arch, configuration. Although requiring more

axial space, the dome provides an all-ceramic growth version.

Local deviations from the average air temperature leaving the

reactor may cause rather severe thermal stresses in the aft

_'_'.cture, and present a significant design consideration.
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4.4 MECHANICALDESIGNPRINCIPLESOF THE TUBE BUNDLE STRUCTURAL CONCEPT

4. 4.1 INTRODUCTION

The low tensile strength of ceramic materials, together with the high thermal and me-

chanical stresses imposed on the ceramic components dictates the use of small, simple

shapes wherever possible. The design approach utilized in the tube bundle concept is to

nest these basic building blocks together to form a large circular cylinder. The overall

reactor integrity is assured by maintaining compressive forces externally on the cylinder.

To establish the integrity of the small ceramic pieces, however, it is necessary to care-

fully evaluate the mechanical (as well as thermal) loads acting on them. Mechanical design

of the concept is greatly concerned with internal pressure forces in the ceramic bundle and

the shift in these internal forces required to enable it to act as a solid during various ex-

ternal loading conditions.

Although the tube bundle is geometrically simple, its analysis is complex and is ap-

proached through limiting cases rather than through rigorous solutions. Emphasis is

placed on defining the maximum loads that can safely be carried by the hexagonal tube.

The maximum forces are developed during short-term, vertical inertial loading conditions

and the method of radial support is a key design consideration. Extensive design principles

have been derived for hydrostatic, shear, and an integrated radial support system. Each

has its proper place. In addition to the internal pressure distribution in the tube bundle,

the supporting systems prevent its distortion, permit dimensional deviations due to stack-

up, and handle displacements of the reactor due to inertial loading.

Some of the variables frequently referred to in the analysis are as follows:

6a - The allowable bundle displacement relative to the reactor structural shell, inch

S - The peripheral spring rate, evaluated in pounds/inch of deflection per square

inch of supported tube bundle surface
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A - The dimensional change in the radial direction in the tube bundle and radial
structure, inch

n - Inertia load factor

no - Design inertia load factor in the lateral direction

Pmin - The least radial pressure necessary to maintain the tube bundle as a unit while

preventing internal distortions, psi

Pauto - The autoclaving pressure due to radial mismatch of gas pressures at the periph-
ery of the bundle, psi

X R - The combined force acting in the tube bundle in a radial direction, psi

X T - The force acting in the tube bundle in a tangential direction, psi

7 - The shear forces due to inertia force_ which tend to cause separations within the
tube bundle, psi

Allowable displacement, 5a - This design parameter is established by the limiting con-

trol rod alignment, cooling channel misalignments, displacement of hot gas seals, etc. By

dividing this deflection into the weight supported, a system spring rate is found which re-

mains an invariant in the design. As shown later, if 5a is arbitrarily chosen too small, it

can cause large increases in bundle pressure and, consequently, fuel element unit stresses.

As herein defined, the allowable displacement represents the farthest movement of the
tube bundle relative to the reactor structural shell.

Spring rate, S - This parameter of the radial structure is defined as pounds per inch of

bundle deflection per _quare inch of supported tube bundle surface, or

ks spring rate of a spring lb
=_ _ 11_

Z'_ S UU,liu_.c d,A CO. _UV_Jt_U uy _ _Jm IIA_ &l|_J|--£II_I|--

The simplification permits a ready comparison among support systems. The subscripts

R and T describe radial and tangential directions, respectively, in which the spring rate
acts.

Differential radial motion, & - This dimensional change is measured in the radial

direction and between the tube bundle and the radial support system. It is perhaps the

most obvious design variable. Differential thermal expansions, assembly tolerances, com-
ponent relaxations, and/or growth all contribute to A. Since the radial structure must

maintain a minimum pressure throughout the range between A = 0 to A = max, the extremes

of the four variables must be added. For simplicity, it is assumed that & does not go nega-
tive; negative A provides load relief on the tube bundle.

Outer expansion of the tube bundle closely follows the shape of the fuel element average

channel axial temperature profile shown in Figure 4. 4- 1. A radial differential expansion
extreme occurs during the condition of maximum fuel temperature and an associated

minimum radial structure temperature; this condition translates to the maximum struc-

ture and fuel tube mechanical stresses. The other temperature expansion extreme occurs

when the tube bundle and metallic radial structure are at a common temperature. The

larger average coefficient of thermal expansion of the metals then causes the structure to

expand away from the tube bundle. The maximum gap occurs at the highest temperature
that the support system and the tube bundle have in common.

Tolerances have the same detrimental effect as thermal expansions. In a tube bundle

made up of thousands of small parts, accurate prediction of the stack-up is essential. Thus,
minimum radial structure radius and maximum tube bundle size define one tolerance ex-

treme while the reverse defines the other. Tolerance effects can, by design, be minimized

by providing adjL/sting devices to be set during final assembly.
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Component relaxation and growth also increase A. Permanent relaxation of the radial

structure and the fuel elements due to high temperature creep may cause a lessening of

available radial pressure. Some of ceramic materials have at times exhibited a permanent

growth rather than relaxation. If an allowance for this iS necessary, an increase in the
effective tube bundle diameter results. It should be noted that the time for each event to

occur may be considerably different and that, for a reactor of long life, growth and relax-

ation allowances may be additive and result in a larger A.

Inertial load factor, n - This factor is considered as acting vertically when the reactor

axis is horizontal. The design inertial load factor, no, represents the limiting case, and

is used to establish the design radial pressure. See section 2.1.

Minimum radial pressure, Pmin. - The value of this parameter is that value required to
prevent permanent distortions in the tube bundle when inertial loads are applied. Since the

value of Pmin varies dependent on how vertical loads are transferred to the structural

shell, a dimensionless factor, C1, is used to serve as a design comparison. The C 1

factor is applied as follows:

Pmin = C1 1%ono

where R = the outer radius of the tube bundle

suspended weight (2)
p = apparent density = suspended volume

Autoclaving pressure, Pauto - This pressure is the additional peripheral load, in psi,

on the tube bundle caused by mismatch of static pressure axially within the tube bundle and

external to it within the radial structure. Autoclaving is discussed in a later section.

Tube loading pressure, X - This parameter denotes an internal force within the bundle,

as differentiated from a peripheral external force. The latter force could be caused by
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spring forces or autoclaving. The internal pressure is considered to act in two directions,

radial, XR, and tangential, X T.

Shear force r T - This parameter is a force acting between tubes to cause slippage, and

is similar to the shear stress in a beam. The forces appear only in the shear concept of

radial support.

4. 4. Z HYDROSTATIC PRINCIPLES OF RADIAL SUPPORT

The design principles of hydrostaticaUy effecting radial support are shown in Figure

4. 4-Z.With this method of radial support, when the tube bundle is displaced bodily the

radial pressure from the springs follows hydrestatic distribution. There is no shear stress

anywhere within the tube bundle and the tube bundle has no tendency to deform internally.

From the standpoint of shock loads, hydrostatic radial suspension using a spring rate just

high enough to limit deflection to the permissible amount appears ideal. Unfortunately,

large differential motions often require spring rates such that the resulting internal pres-
sure introduces severe fuel element mechanical stresses.

4. 4. 2. 1 External Support

When a rigid body is supported by a multiple spring system, it is necessary to compute

and integrate the spring rate of the individual springs in terms of the system deflection.

An approximate solution assumes that the spring suspension is continuous at the periphery

and a deflection, 5, is imposed on the bundle relative to a cylindrical shell, t_enerai ex-

pressions are written for the radial components of the deflection at a point as shown in

radial spring rate, S R. The vertical components of the radial forces are then integrated

DEFLECTIONS _

/

. S R • /%

5R " AS_ co JO



around th e perimeter and

as the only unknown. The method is as follows:

equated to the weight to derive an equation containing deflection

vertical components of the radial forces

27f

nw= 
0
2_

= _0 PR cos0

2_

= _0 SR AS (5 cose) cose

2_

=S 0 SR5 cos20 R(d0)L

n W-RS / 2_cos20
T- 5 ' (de)

(3)

nW
T=_RSR 5

where

n = inertia load factor

W = suspended weight

R = outer radius of bundle

L = length of bundle

The springs are preloaded by a minimum load fixed so that the force in the top springs

approach zero under maximum vertical loading. Any further reduction in preload may en-

danger the system integrity since the structural shell can deflect out of round as the fluid

distribution is altered. As shown later, the deflection limit, 5a, cannot be maintained if

the top springs lose contact with the bundle.

The minimum external pressure for the rigid body is derived from Equation (3) as fol-

lows:

Pmin = SR 5
nW

: #L----R (4)

= Rpn (psi)

External load variations on a typical tube bundle under inertialforces up to 4.13G with

values of A equal to zero and maximum are shown in Figure4.4-3.With maximum G

forces and A = 0, the top spring force equals zero, the side force remains unchanged, and

the bottom force doubles. The analysis of the tube bundle used in this example assumed

that the pressure exerted on the tube bundle was distributed around the periphery in 5-

degree increments as shown in the figure.

When the tube bundle is displaced relative to the structural shell, the radial pressure

from the springs follows a hydrostatic distribution. The springs act in pairs to accelerate

a vertical strip of the tube bundle as shown in Figure4.4-4.The strip is parallel to the

direction of acceleration forces and sees only compressive stresses; the resulting pres-

sure distributionwithin the bundle ispurely hydrostatic. The weight of the control strip
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is 2R p n for a unit length in the direction of loading. The minimum preload is given by the
following equation:

Pmin = Rp n (5)

This preload is sufficient for bundle integrity. The tube bundle does not tend to deform

internally since there is no shear stress anywhere in the tube bundle. The derivation is
as follows:

Wstrip = 2R p n = Pmax

PR = Pmax cos0 (6)

Pv = Pmax cos2 O

= 2Rpn cos 2 0

4.4. 2. 2 Internal Pressure Distribution

As previously shown, the radial spring rate is established by the permissible core de-

flection. For given values of the linear spring rate, spring relaxation during reactor life-

time, and the total differential radial motion (A) the highest tube loading pressure, X, _s

fixed. The highest pressure is due to the sum of the minimum radial pressure, the load

due to differential radial motion, and is given by the following equation:

/h_

XR = XT = Pmin + A S R + Pauto + _.2_) Rpn (7)

where h is a function of the vertical location with the axis as zero, i.e., no change in

pressure is felt at the axis due to G forces.

A useful dimensionless expression for pressure variation in the tube bundle is as fol-
lows:

XR XT A.___+ Paut_______o± (h) (8)Rp---n= Rp---'n= 1 + 6a - Rpn

The maximum dimensionless pressure experienced by a hexagonal tube, at the bottom, is
then r.eadily determined from the following expression:

__ A__ ± PautoX = 2 + (9)
RPn 5a RPn
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Thisparameteris shownin Figure4°4-Sas curveA. Thepressuresactingonthetube
bundleareshownin Figure4.4-6.These factors are useful in later comparisons of the

Support systems.

In the discussion, A has been assumed as positive, i.e., the spring gap decreases.

Design pressures would be significantly decreased if a negative A existed, and Equation

(3) would still apply. Autoclaving, when predictable and reproducible, can also alleviate

the bundle maximum pressures. Since all springs must remain in contact with the bundle

to maintain the design system spring rate and deflection limit, the GE-ANPD practice is

to design for zero autoclaving.

4.4. 3 SHEAR PRINCIPLES OF RADIAL SUPPORT

The pure hydrostatic support system normally represents a compromise between tube

bundle deflection and fuel element stresses. An alternative design approach is to support

the tube bundle during inertial loads at its periphery by a shear distribution to the struc-

tural shell. The tube bundle allowable deflection, now independent of the radial spring

rate, no longer dominates the fuel element stresses. Again, sufficient radial pressure

must be maintained externally and transmitted through the tube bundle to insure that it

behaves as a rigid body tinder inertia loads.

Three methods of achieving such a shear support are illustrated in Figure 4. 4-7 High

lateral bearing pressures on side keys, possibly leading to galling and seizing at high

temperatures, limit the use of methods A and B. This limitation is avoided in method C

since the elliptical spring acts as a flexible key.

Condition A-bottom tube when n/n ° = 1

Condltlon B -Center tube

C- top tube w_en n/n o = 1

I

/
/

/

/

X

R_

/
/"//

0 ! 2

u

°i
3 4

Pauto

5 o Rpn

I l

6 7

Fig. 4.4-5 - Internal pressure f_r hydrostatic radial support
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Fig. 4.4-7 - Methods of achieving shear radial support
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In pure shear suspension, with the bundle displaced bodily, the outer surface is loaded

in shear, and the highest shear stress is developed at the diameter perpendicular to the

direction of displacement. Internal shear strength is required to hold the shape of the

bundle, and a minimum radial pressure equal to 1.3 times the maximum shear stress is

desirable. From the standpoint of shock loads, pure shear suspension at times may be the

poorest possible solution. It has the advantage, though, that large stresses are not induced

by thermal expansion of the reactor.

4. 4. 3. 1 External Support

The shear-system spring rate is developed similar to the method used in the pure hydro-

static system by equating the weight with the summation of vertical components of the tan-

gential forces. The resulting equation is as follows:

nW
-'L- = _RST8 (10)

The development of peripheral shear stresses is shown in Figure 4. 4-9.The circum-

ferential shear distribution shown is valid if the tube bundle itself is rigid with respect to

the surrounding tangential support, i.e., if it undergoes small internal deformations with

respect to spring tangential deflections.

DIRECTION OF

ACCELERATION

BAND

Fig. 4.4-9 - Peripheral shear stresses
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If theeffectivetransverseaccelerationis n times gravity, the average gross density of

the reactor is p, and the reactor radius is R, the maximum tangential shear stress is

given by the expression

Tmax= pnR (11)

and occurs at the angle 8 = 0, where 0 is measured from the horizontal. It is readily seen

that any band perpendicular to the direction of transverse acceleration requires only those

shear forces acting along its peripheral boundaries for transmission of the acceleration

forces corresponding to its mass. Referring to Figure 4. 4-9,the area of the band is

A = (2R cos0).(Rd 8cos8)

= 2R 2 cos20 dO (12)

and the weight of the band per unit axial length is

dW = np. A

= 2npR 2 cos20 d0 (13)

The incremental vertical shear component at the band boundary is a force given by the

following expression:

dV = 2T m R cos20 dO (14)

The resultant of these shear forces for the whole reactor is as follows:

27

V= 2T m R f0

= _'RT m

cos20 d6

(15)

The shell supports the bundle by supplying a shear reaction through a device such as

keys. This is consistent with the ability of a thin shell (membrane) to furnish a shear

reaction (VQ/I distribution) without an out-of-round distortion resulting.

Shear ties as typically illustrated in Figure4.4-8cause shear stresses within the tube

bundle. In order to reduce gross distortion or crack formation due to these shear stresses,

minimum radial pressure is applied as required to bring about a radial compression that,

under the most unfavorable conditions, prevents gross deformation under the maximum
acceieration.

This minimum radial pressure is considered from several viewpoints; pure frictional

case, nested hexagonal elements without friction, and the tube bundle acting as a beam
with suppressed tensile stresses.

Pure frictional case - If the tube bundle were made of noninterlocking pieces, such as

aligned square or triangular cross sections, transverse slippage could occur between

planes and be opposed only by friction. There being no change in bundle volume, radial

pressure would not provide stiffness. Since the radial spring gradient is low, it does not

provide an appreciable restoring force.

In the case of pure frictional resistance, the conditions require, on any plane that the

product of the normal pressure, P, and frictional coefficient, _, exceed the shear stress,

T. The minimum ratio of radial pressure to maximum shear stress can be calculated

from Mohr's circle theory. The conditions are shown in Figure4o 4-10.From the simi-
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Pmin
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Fig. 4.4-10- Mohr's circle for case of pure friction

larry of triangles, the minimum value of the radial pressure is given by the following
equation:

Pmin > Tm 1 +/12 (16)
_t

The maximum shear force, Tin, was shown in Equation (11) to equal Rpn.

The ratio of minimum radial pressure to maximum shear stress is plotted versus the

fricUonal coefficient,/_, in the upper curve of Figure4. 4-1 1.However, the factor ap-

plies only where planes can be drawn through the fuel element geometry. A minimum

value of 0.2 may be assumed for most ceramics of interest, and requires that

Pmin _ 5.2 T m (17)

Hexagonal elements with zero friction - If the pieces have a hexagonal cross secUon,

transverse slippage between adjacent layers always entails an increase in tube bundle

volume because of the void between tubes. This increase in volume is opposed by the ra-

dial pressure. During the process of slippage, energy is stored in the radial springs and

equals the product of the volume increase times the radial pressure. The work produced

by the shear forces is equal to the product of the shear force and the displacement in the

direction of the shear force. By equating the stored energy with the work produced, the

minimum radial pressure that is required to prevent slippage can be found. The geometric
model is shown in Figure 4. 4-1 Z

Using the nomenclature of Figure4. 4-IZ,the energy stored equals the work done bY

shear forces. This means that the product of the radial pressure and the change in volume

is equal to the force multiplied by the displacement, in other words

Pmin x 0. 8668 x a = (Tm x 1.73 a) (0. 8666) (18)
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To prevent slippage,

Pmin > 1.73Tmax (19)

As shown in Figure 4. 4-12,the hall-element with shear stress acting along its dividing
line is in equilibrium for the extreme case of zero friction. It is estimated that if friction

were included in the calculation, the ratio of minimum radial pressure to maximum shear

stress for the nested hexagonals would appear as shown by the lower dashed curve of Fig-

ure4. 4-1 1. Choosing the conservative frictional coefficient of 0.2, the minimum desired

radial pressure is equal

Pmin --> 1.3 Tm (20)
0

Tube bundle as a beam - The distribution of transverse forces within the tube bundle is

rather complicated. However, conditions can be established, based on somewhat conser-

vative assumptions, that estimate the magnitude of theoretical tensile stresses. The tube

bundle is visualized as a beam of variable depth loaded by body forces proportional to the

depth and supported by shear reactions around the periphery. Inertial loads cause a dis-

torting couple tending to cause separation along the diameter parallel to the force. A re-

storing couple equal to or greater than the distorting moment is caused by the resultant

of the radial pressure acting at a distance d 1. The geometric model is shown in Figure
4.4-13.

The l_cation of the res-/tant of the shear forces !s deterred_ned by alluding the moment

of the shear forces on hali of the reactor by the resultant of the shear forces. The moment

equals

1T

j-_-RT mcos_)RdS=2R 2 Tm

2

(21)

HINGE POINT

1___/_

- /] /

Fig. 4. 4-13-Model of tube bundle acting as a beam
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and the resultant of these same shear forces, Equation {15), is

RT m cos28 d8 = Tm
Y R

2

"2

The location of the resultant is then equal to

2R 2 Tm 4R

7TR T m

(22)

(23)

Note that the resultant falls outside of the tube bundle as shown in Figure 4, 4- 13.

The couples are evaluated as follows:

Distorting couple = restoring couple

2 '- _" = dlx 2Pmi n

Since Equation (15) demands that

4R 3 pn

3
= dI (2R Pmin)

stability, therefore, requires the following equation:

Pmin > 2R2 pn 2R Tm
= 3d 1 - 3all (24)

Stability requires that the moment arm, dl, must vary between zero and R. In the

limit, when d 1 = R, the equation reduces to

>2
Pmin = -_ Tm (25)

The resultant of the shear forces acts to cleave the reactor about the hinge point and a

per_ianent distortionof the tube bundle may occur. Itis shown later that extremely high

local pressures would act on the hexagonal tubes near the hinge ifcleavage occurs. Fur-

ther, itmust be remembered that the expression

Pmin > Tm (26)

must be satisfied, or separation occurs at the location of v m (the end of the horizontal

diameter). This is similar to the case of pure shear in a beam where the maximum diago-

nal tensile stress equals the shear stress.

Figure4. 4- 13shows that the moment arm, dl, is a function of the pressure distribution

occurring during inertial loads along the vertical diameter. Assuming a triangular pres-

sure distribution in the beam as shown in Figure4.4- 14,the moment arm, dl, is ex-

pressed in terms of R as follows. The force, 2RPmin, acts at the centroid, and

Stability requires that

Y
d 1 = R --_- (27)

Tmax < 3dl

Pmin - 2R

3R - Y<
= 2R

(28)

where the limits of Y are zero and 2R.
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Theparameter X T (Figure4.4-14)represents the maximum compressive pressure,

and (2R - Y) the cleavage or separation along the vertical diameter. Thus, to completely

suppress cleavage, (2R - Y) must equal zero, and Y = 2R. By substituting in the equation

above, the limiting value of Pmin is obtained:

Pmin = 2 rma x (29)
= 2Rpn

V
m :: w

2

f
•rr R2pn \

8R

3"11r

Y

I

Fig. 4.4-14- _qodel of tube bundle with triangular pressure distribution

These equations show that the radial pressure must equal or exceed twice the maximum

shear stress to completely suppress cleavage. However, carrying the investigation fur-

ther, the integrity of the bundle can be maintained with limited separation of the tubes

along the erttieal diameter. Permitting a separaUon that extends to the core axis (Y = R),

the minimum radial pressure necessary is reduced to half the former value, and

Pmin => rm (30)

The separation of the lower tubes under this condition is limited to the compressive strain

along the top half of the critical diameter. Thus, the compressive strain and, hence, the

tube separation is Insignificant. The compressive pressure, XT, for this limited separa-

tion ease is the same as that for complete tensile suppression.

Regardless of the viewpoint used, the minimum radial pressure required to prevent

slippage in a tube bundle supported in shear is a function of the maximum shear stress,

rm, at the periphery. An adjustment factor, C 1, is used such that

Pmin = C 1 rmax
(31)

= C 1 Rpn

For hexagonal tubes with a coefficient of friction equal to zero, C 1 must be greater than
1.73. For a coefficient of friction equal to 0.2, C1 reduces to 1.3. To fully suppress any

cleavage, i.e., separation, along the vertical diameter, C1 must be 2. With small
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separations permitted extending to the core axis, C 1 is reduced to 1. It must be realized

that C 1 must always remain greater than unity. If it were not, Mohr's circle theory shows
that there would be tensile forces across some interfaces in the region where the maxi-

mum shear stress occurs. Since tensile forces cannot be transmitted, separation occurs.

For the 141Ddesign, Pmin was set equal to Vmax, and separation was permitted to the

core axis when the maximum acceleration forces occurred. Pending a more refined analy-

sis, however, it appears that a value of C 1 greater than 1.3 should be maintained to pre-

vent gross distortion.

4. 4.3. Z Internal Pressure Distribution

It is assumed that the pressure on an average hexagonal tube within the bundle is the

same as the externally applied pressure, and that a triangular pressure distribution oc-

curs along the vertical diameter to resist the distorting couple due to acceleration forces.

The pressure distribution can be found by superposition. Figure4o4-1 5shows the geo-

metric model used in analysis. The general equation is

XT=XR±(2) (hi Tm (32)

where h is measured from the core axis. Substituting for XR, the following dimensionless

pressure evaluation is developed:

XT ASR Pauto :h_
Rpn - C1 +'_--n-" + -- ± (2) \R) (33)Rpn

The first three terms are factors related to XR, and their summation equals or exceeds
the last term to suppress cleavage. This pressure evaluation can be used to determine

the proper value for C 1.

z XT, TOP .'-

i

_ X R ,--,I,

Fig. 4.4-15- _,lo(]c_l used ft)r d(,termining tube bundle internal pressuPs due

to shear r:_dial support
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When limited separations are permitted in the tube bundle, the maximum short time

design pressures on individual tubes can be obtained from the relationship

X T 4

XR 3- 2____n (34)
Clno

Limited separations can he expected if either

Clno
X--_R-<2 or ---< 2 occur (35)
Rpn n

For the maximum design short time pressure, where C 1 = I, Equation (34) reduces to

XT

= 4 (36)

Equations (32) and (34) are combined and plottedversus the dimensionless value of radial

pressure, XR/I_on , in Figure4. 4-16.The dotted lines indicate where, and to what extent

separations may be expected. In thel41Ddesign XR/I_on varied between 1 and 1.62 as A

went from zero to maximum. The resulting maximum tangential pressures, XT, due to

the maximum acceleration forces are shown in Figure 4.4-16as points A, B, and C.

Separation existed even with the maximum radial pressure because of the low design pre-

load wherein C 1 = 1, and the case ofno-separation was assured only below half the design

acceleration force, i.e., n/n o --2/4.

The assumption of a triangular pressure distributionis probably conservative. The

modulus-of-rupture type of distributionis more realistic,and is shown as the dotted

curve on Figure4. 4-15.The actual short time pressure, XT, therefore, is probably

lower than that given by Equations (32)and (34).

4. 4. 4 INTEGRATED PRINCIPLES OF RADIAL SUPPORT

Using the integrated principle of radial support, the tube bundle is externally supported

by both hydrostatic and shear systems as shown by the geometric model in Figure 4. 4-17.

Significant reductions occur in both the minimum pressure required to assure tube bundle

integrity and the maximum loading pressure, XT, on the tubes. The effectiveness around

the circumference of each system is graphically shown in Figure 4. 4-18.

4. 4. 4.1 External Support

The system spring rate is developed similar to the method used for hydrostatic support,

with the additional resistance of the vertical component for tangential or shear forces as

shown in Figure 4. 4-19.The former assumptions apply, but9 in addition, the deflection

must be the same to maintain the assembly as a unit.

nW = _'_ vertical components of radial and tangential forces

= _2_ [PR c°s8 + PT sin6_
0

= _20_ IS R (RdSL) 5(cos28 ) + S T (RdSL) 5sin2#]
(3_)

nw 0_cos20 _--L- = RSR5 d8 + RST5 sin20 8

= RSR5 [2 + sin2012_ 2_4 Jo +RST8 s 2o]4 J0

nW
-L- = _RS(SR + ST).
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Fig. 4. 4-17 - Geometric model of the integrated

radial support system

S T

Fig. 4.4-18 - External forces with an

integrated radial support system

RADIAL EFFECTIVITY = f(¢es2_t)

o

TANGENTIAL EFFECTIVITY = f(sie2e)

Letting f equal the fraction of the total support furnished by the hydrostatic system in re-

sisting acceleration forces, Equation (37) can be written as

and

fnw
(38)

58T" (1 -f)(lq_on) (39)

Ample external loading to support the tube bundle is assured by satisfying the two equations

above.

The minimum pressure on the tube bundle to prevent distortions during accelerations

must satisfy both external systems, and occurs when f = 0. 5. This is derived as follows:

Pmin - f(l_on) (40)

Pmln >- (1-f)(l_on) (41)

Within the bundle, sufficient pressures must be established to limit separations caused by

short-time shear forces, and the methods and implications of the pure shear system pre-

viously discussed apply. For simplicity, the integrated support system is designed so that

77



DEFLECTIONS

S

Fig. 4o 4-19-System spring rate for the integrated /
/

radial support system

PR = SR " AS " _R

= SR As_cose

PT = ST ' AS " _ sin e

no separation is permitted along the vertical diameter. Accordingly, both of the following
conditions must be met:

Pmin - (2-3f)(Rpn)

Pmtn >- (3f-2) (Ron)

(42)

(43)

The dimensionless minimum radial pressure, C1, is shown for values of f ranging from

full hydrostatic support (f=l) to full shear support (f=0) in Figure4o 4-20.When half of the

inertia load support comes from the hydrostatic system and all separation is suppressed,

C 1 is equal to one half, see point b in Figure 4.4-_0.

4. 4. 4 2, Integrated Pressure Distribution

Using the hydrostatic principles of radial support, the internal pressures due to accele-

ration forces are highest on the lower tubes as shown in Figure 4.4-6 For shear support,

the internal pressures are maximum on the upper tubes as shown in Figure4.4- 14.For

the hltegrated system, a reduction in both minimum pressure, Pmin, and the maximum

pressure, XT, occurs.

Using Equations (7)and (32), the tangentialpressures on the tubes are given by

XT=X R + (R) (2-3f)(Rpn) (44)
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Fig. 4. 4-20-Plot of C1 as a function of f for us_.witl, tl. _inte_raled ra-
dial support system

Expressed in dimensionless form with the actual inertia load assumed equal to the maxi-

mum design value (n=no) and considering the maxinium pressure (h=R) at either the _op or
bottom of the vertical diameter, the tangential pressure becomes

X T Af Paut_ (2-3f)
Rpn Cl _ * "_- + 5a P,pn

(45)

The dimensionless maximum radial pressure, XR/P, pn , is plotted for the integrated
system in Figure4.4-Z l.Zero autoclavhlg and no separation are assumed. The maximum

values for expansion, A , result in the highest radial pressure. Experience has shown that

the value of the term, Af/5 a in Equation (45) can be held at 0. 5 when A is maximum. Thus,

line dh is raised above Pmin where shear predominates. The radial pressure for higher values

of f is dependent on A/Sa, and an estimate of the maximum radial pressure, XR, as a
function of f can be obtained. In the 141D, A/5 a was approximately 4. Thus, points d, f,

k, p describe the long-time pressures that the designer encounters depending on the type
of suspension chosen.

Pressure increases within the bundle during accelerations are described by the last term
of the Equation (45) for both bottom and top locations along the vertical diameter. A dimen-

sionless plot of these short-time pressure increases for the integrated system are shown

in Figure4. 4-ZZ.Point b is of special significance since it shows the calculated value at

which tangential pressures axe the same during acceleration loading. Figure4. 4,-Z3shows

the maximum tangential pressure that occurs when combining accelerational loading with

the minimum radial pressure to assure bundle integrity.

Pressure superposition diagrams are shown in Fignre4.4-Z4 and graphically portray

Equation (45) with the previously identified assumption. _or the case of f equal to 2/3 and

the preload consistent with Figure4o 4-20,the cancellation of acceleration-induced pres-

sure forces within the bundle is readily visualized. The bottom diagram shows an arbitrary

radial pressure, XR, that is greater than Pmin, and assumes equal hydrostatic and shear

support. This value of XR, 2. 5, results with a A/5 a ratio of 4, as shown in Figure 4.4-Z1.
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The value of the resulting dimensionless maximum pressure, XT, is 3 and the value of the
minimum pressure occurring at the bottom of the bundle is 2.

The maximum accelerational loading is added to the maximum radial pressure curves

to obtain the highest dimensionless tangential pressure, XT, and is shown in Figure 4.4-25

In summary, if no separations are permitted and A/5 a = 4, an f of 0. 5 represents the

least value. The minimum pressure is 0. 5 l_on, Figure4. 4-20,and the highest short-time

pressure, XT, within the bundle is 3tlpn. When f = 0, X T increases to 4.5 /iOn; in a pure
static system the value would be 6 Rpn, or one-third greater. With sophisticated design
and suppression of shear stresses, the maximum dimensionless pressures within the tube

bundle carl be kept between 2 and 3. Values of A/_ a between 3 and 4 have been used in GE-
ANPD past designs.

4. 4. 5 COMPARISON OF THE RADIAL SUPPORT SYSTEMS

The integrated support system provides significant reductions in mechanical stresses

in the fuel tubes. A greater margin of safety exists if an accidental acceleration larger

than the design value is experienced. For example, to meet the design criteria listed in
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section2-.1,the core endures an ultimate load of 1.5 times the limit load without failure.

For past GI_.-ANPD designs, this has represented accelerational loads of 6 G's.

Each of the three systems has its particular merits when considering acceleration forces.

Since shear stresses are nonexistent in the pure hydrostatic system, this system is in-

herently quite dependable. The system offers design simplicity, both analytically and struc-

turally. Its disadvantage is the high radial pressure, although this may be eased by care-

ful design. Spring tolerance adjustors and large allowable deflections,Sa, are almost man-
datory.

The pure shear support introduces short-term high tangential pressures. Because of the

brittle nature of the ceramic tubes, short duration of these pressures affords no relief.

Nonetheless, the maxinmm pressures are usually lower than with hydrostatic support. Sup-

pression of all separation is desirable, but the chief concern is the shear-carrying ability

within the bundle. Unfortunately, the maximum shear stresses tending to cause slippage
occur in the outer reflector where the tubes are often undersized to correct for thermal

expansion. Thus, internal displacements may result.
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Whensupportis effectedbytheintegratedshearandhydrostaticsystem,bundleloading
andstability pressuresare considerablyreduced.Thelowershear-carryingrequirement
in theouter reflectorhelpsreducelikelihoodof slippage.However,to achievean iutegrated
system, it is necessaryto buythecomplicationsof bothsystems.Largevariationsin the
loadsharingability, asmeasuredbyf, shouldbeexpectedbetweenanalyticalpredictions
andtestdata. Therecalcitrantsprobablyare uncertain_idefrictional supportof thehy-
drostatic contributionandslippagein areasof largeshearstresses. Theanalyticalprin-
ciples indicatethata balancedsupport,f equalto 0.5, is a reasouabledesignvalue.

4. 4. 6 TUBE BUNDLE VIBRATION

The following discussion is divided into external effects and internal effects. The external

effects are those resulting when the tube bundle vibrate_ as a rigid bundle and may adversely

effect the integrity of the supporting systems. The internal effects are those occurrh_g be-

tween tubes within the tut_ bundle, and may adversely effect the hltegrity of the bundle it-
self.

4.4. 6. 1 External Effects

Two modes of vibration of a unit bundle within the shell have been studied. In one mode,

the bundle and shell axes remain parallel but translate, while in the other mode the axes

have a relative pitching rotation. The two modes are shows schematically m Figure 4.4-26,

For the first mode, the deflection under static load is computed from Equation (3), or (37),
and substituted h_ the familiar formula

1 5_st (46)fn =

3. 127

where

g = gravitation constant, 386 inch/sec 2

fn = natural frequency in cycles per second, cps

6st = static deflection, inch

-_ cps (47)

TRANSLATION OF AXES

n=1

o)

X X x x x
CORE LENGTH "_

L

X " X X x x

PITCHING OF AXES

Fig. 4.4-26 - _lodes of external vibration

b)
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All GE-ANP ceramic reactors have been designed for _0.12 inch allowable deflection

during an inertialload factor of four. Therefore, the natural frequency in translation is

readily estimated as 9 cps. A log-log plot of Equation 47 is quite useful.

When a portion of the radial support system vibrates as a part of the tube bundle, that

portion of the support system weight should be included with the tube bundle weight. In the

three-tier mockup subsequently described, this factor represented 1/3 of the totalspring

weight and increased the effective weight of the vibrating tube bundle by 3 percent.

Considering the hydrostatic mode of radial support, as the bundle deflects vertically

under acceleration loads the horizontal force introduces large side frictionalloads which

restrain bundle movement. This damping force is large and is dependent on (1) the radi_tl

pressure times the frictionalcoefficientat the springs, and (2)the lateral stiffness of the

springs. An inherent problem of the pure hydrostatic support system is that, as the vibra-

tions are dampened out, the tube bundle may come to rest in an eccentric position. When

the damping is large, design allowance may be necessary in alignment of the control rods,

axial structure, and spring cooling channels. Damping is discussed further in the next

section, three-tier mockup tests.

For a missile or airplane, .the gust load factors are of short duration. They do not con-

stituteimpact-type loads because of the aeroelastic effects of the airframe and the fact

that the gust velocity builds up gradually from zero as the airframe penetrates the gust.

An estimate of gusting derived from civiltransport data was used. Fig-

ure4. 4-;_Tshows L.he decrease in amplitude of the vibration in a tube bundle supported as

shown in Figure4.4-3with a coefficient of friction equal .to 0. 1. Figures4.4-_-Sand 4. 4-Z9
show a comparison between the vibratory effects of gust loading and short-term loading,

respectively, and with frictional coefficients of zero and 0.1.

In the second mode of external vibration the rotation of the lxmdle axis is assumed to

produce a load on the suspension system proportional to the distance from the center. This

load is converted to deflection by dividing by the integrated spring rate. From the deflec-

tion (5), the angle of rotation, (0), in terms of an imposed moment is computed. The

angle is set equal to one radian and the moment and torque are computed.

The natural frequency in pitching is given by the formula

fn = _ (48)

where the mass moment of inertiais

IM = _g + (49)

and the torque required to produce an angle of twist of one radian isequal to

M
K ---_- (50)

From Figure4. 4-Z6,the angle, 0 , is equal to

25

0 = -ft. (51)

Since

and.

Sc

I RL 2 L 2

c = 6--R"= -6-' (53)
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the integrated spring rate, Sj, is

sj= " st"

Through substitution, Equation (50) is reduced to torque, as follows:

L2W

126s t •

Equation (55) is combined with Equations (48) and (49) to give an approximation to the

natural frequency in pitching in cycles per second

fn = 3. 127 st[3R2 + L2 ]

Thus, the typical tube bundle reactor

vertically at an inertia load of fourhada pitching natural frequency of approximately

fn = 10 cps
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4. 4. 6.2 Internal Effects

These effects do not lend themselves to an analytical treatment. However, the two phases

of development testing indicate the relatively low importance of these effects. One phase

of the testing was to study the bridging of a load around a cavity in the bundle. The second

phase was to define locations and magnitude of separations. The mgckup used was similar

to the full scale three-tier version subsequently described, but had a 30-inch diameter,

was 10 inches long, and consisted of two tiers of tubes.

Bridging around cavities - The number of tubes that could be removed from the mockup

before collapse occurred during vibration was determined. A vibration of 0.002-inch ampli-

tude and 83 cps was imposed upon the mockt, p and a group of tubes was removed from the

lower quadrant of the mockup. Rows of tubes were then removed

to produce progressively larger cavities. The vibration environment was held constant for

a ten-minute dwell period after each removal. The final removal of tubes led to a hexag-

onal cavity approximately 13 inches across flats. The mockup remained stable under vi-

brational loads with this large cavity for a test period of 15 minutes, and showed the in-

herent stability of the tube bundle. The tubes adjacent to the cavities did not crack; this

observation implied that a large pressure magnification at the cavities probably did not

develop.

Separation - The locations and magnitudes of separations within the bundle were inves-

tigated with respect to the input disturbing force. The average radial spring pressure was
10.5 psi. Although the tubes measured were definitely moving 180 degrees out of phase

with one another, the magnitude of displacement was so small that only a tendency toward

separation can be said to exist.

4. 4. 7 THREE-TIER MOCKUP TESTING

Development testing with the three-tier full scale tube bundle mockup showed that the

tangential component of the internal pressure was only partially effective. Equation (37)

was modified to allow for a tangential spring rate defectiveness, C2, as follows:

nW
- 7rR6 (S R + C2ST) (57)L

The C 2 factor has been verified during development testing and the data presented below
have a high level of confidence.

4.4. 7. 1 Test Program

Before assessing C2, a brief description of the mockup is appropriate. The tube bundle

had a diameter of 56 inches and was 14.5 inches long.

The radial supp¢_rt system consisted of staggered elliptical lea/ springs each covering

a 10-degree arc and a 2-inch core length. Pressure pads covering a 5-degree arc and con-

tinuous ow_r the length of the tube bundle distributed the spring load to the reflector tubes.

The spring reactions were transmitted through adjustors to a semi-rigid shell. The shell

was 59 inches in diameter, 21 inches long, and 0.37 inch thick. The core mockup was 50

inches in diafileter, and built up of hexagonal tubes whose across-flats dimension statis-

tically averaged to 0. 372 inches. The 3-inch thick outer reflector hexagon bars statistically

averaged 0. 365 inches acr_ss flats, therefore producing slight radial cracks, or voids,

uniformly ar_und the tube bundle. The reflector bars were undersized primarily to allow

for expansion differt'nces that can occur following reactor shutdown when the core is quickly
cooled relatiw' tn the outer reflector. The shear ties between the outer reflector and the

structural shell were shown previously in Figure 4.4-8.
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The tube bundle was built up from three full length tubes. Triangular groups of 24 tubes

furnishecl a natural stagger or overlap throughout the tube bundle. The groups alternated

with 3 full length tubes (4.83 inches) and 2 full length tubes with 112 length tubes at the

ends. Larger ceramic hexagon tubes (radial arches), each displacing 19 smaller tubes,

provided access through the tube bundle for axial-support tie bars when desired. During

a portion of the mockup tests, a thin-wall stainless steel liner with an equivalent outer
diameter of 11 inches was placed at the center of the core.

The tangential spring rate effectiveness factor, C2, was evaluated for the mockup by

comparing the calculated spring rate obtained from Equation (37) with the experimentally

measured value by the following rationalization. Values of both SR and ST used in the
equation were measured for typical springs outside the mockup. The results, plotted in

Figure4o 4-32tillustrated the softening of the tangential spring rate as the spring gap, h,

or the radial pressure decreased. Assuming that the springs act at their full theoretical

value in both the radial and tangential direction, it follows from Equation (57) that the + 4n

displacement is given by

2nW

5 = _ (SR + C2ST) (58)
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By applying SR and ST values:from Figure4. 4-32,the theoretical variation of displace-
ment versus radial pressure is determined. The results Of this calculation are shown in

Figure4.4-331abeled as C 2 = 1.

The test procedure was to shock the mockup while it was in a given configuration in suc-

cessive 1 G increments from 1 to 5 G's. The specimen was then rotated 180 ° upon the sled,

reversing the direction of the applied acceleration. The reversal forced the tube bundle

into its extreme static location within the shell. The test data are graphically presented in

references 13 and 14 and clearly show the effect of variation of parameters. The nature of

the shock phenomenon, however, needs further explanation.

The acceleration caused by the pure square wave is shown in Figure4.4-34,curve A.

Due to harmonics and other distortions, the pure wave is shown by curve B; this curve re-

produces a true typical acceleration record as copied from an oscillograph recording. Fig-

ure4.4-34,curve C illustrates a typical displacement transducer trace and shows the

static comlx_nent of displacement as well as the dynamic peak.

Data from a typical transducer are shown in Figure4.4-35,curve A. The dimension S

denotes the static component of displacement from the pre-test zero reference for the

particular transducer; R denotes the residual displacement in the unaccelerated state. Re-

versal of the specimen on the sled reverses the direction of the trace displacement, as

shown here after test number 28, when rotation occurred. Curve B, Figure4.4-35,shows

the technique used to present most of the data recorded in one series of 90 tests. The saw

tooth chart represents the average displacement of the core from the zero reference and

the dots around each tooth represent the scatter of individual displacement values. The data

reduction technique is shown in Figure4. 4-36.The total displacements A and B were the

values used to plot the data shown in Figure 4. 4-33.
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4. 4. 7.2 Effective Tangential Spring Rate

Test data of the type indicated in Figures4.4-34through4.4-36showed that the maxi-

mum effectiveness of the tangential spring action was not realized in the three-tier mockup.

By comparing the calculated and true value of the effective tangential spring rate, a tan-

gential effectiveness of 25 percent was assumed for design purposes. Tile theoretical and

experimental data are shown in Table 4.4- 1.

A few additional notes concerning the mockup experience are as follows. First, the

assumption in the derivation of Equation (37) that the displacement of the tube bundle varies

linearly with the acceleration was verified, i.e., nW/6 was constant. Therefore, linear

extrapolation on the basis of tube bundle weight is valid. Secondly, although several re-

assemblies of the mockup were made, only one set of springs and one set of ceramic tubes

were utilized during the tests. Consequently, the tests explored only one ratio of tangential

to radial spring rates, C2ST/SR, as a function of preload condition. It has becnassumed

that changing to a spring of lesser radial spring rate (larger ratio of C2ST/S R) has only a
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TABLE 4. 4- 1

TANGENTIAL SPRING RATE

EFFECTIVENESS FROM THREE-TIER

MOCKUP DATA

XR

Theoretical

(C2=I) Experimental

ST ST
n S---_ f SR I C2

5 2 10 0.1 2.5 0.4 26%
5 4 10 0.1 1.6 0.6 17_)

I0 2 12 0.08 3.4 0.3 30%

10 4 12 "0.08 2.5 0.4 22%

17.5 2 15 0.07 5 0.2 34%

17.5 4 15 0.07 3.7 0.27 25%

now 4(2300)
Note: Pmin = RL (2H)(14.5) -7.2 psi

linear effect on displacement. Thirdly, the tests established that the use of a mechanical

shear tie arrangement contributes to the retention and centering of the tube bundle. The

total residual displacement, or hanging up, of the core within the shell after acceleration

loads remained at a minimum, and the deflections experienced were 1/3 of the value that

would occur fc,r a pure hydrostatic system wherein C2S T = 0. Fourth, it should be empha-

sized that the experimental data shown are based on steady inertial loads, depicted by S

on Figure4. 4-35.The overshoot effects inherent in extremely short rise time (impact)

loadings were not evaluated.

In practice, the dynamic deflection peak probably would not occur as it did with the input

square-_rave acceleration produced by the particular Hyge shock test rig. As would be

expected, the maximum dynamic deflection overshoot measured,in the mockup tests occurred

when the + 5-G acceleration followed the -5-G (180 ° reversal). The critical factor to be

determined when estimating the dynamic peak, if it exists, is the short interval of time

during which the acceleration load is applied. For thel41Ddesign, an increase in the static

displacement of 50 percent as peaking allowance was made, although this amount is prob-

ably unduly conservative.

4. 4. 7.3 Internal Spring Rate

The previous rationalization of test data established that the tangential spring rate ob-

served during mockup testing was only partially effective, and that a value for C 2 of 0.25

was reasonable. The experimental work further established that there is a zone of relative

displacement within the core itself as seen from the data shown in Figure4. 4-37.As in-

dicated therein, the displacements within the tube bundle vary with the distance outward

from the axis. It appears as if an additional spring system is contained within this region

of the core assembly and effectively acts in series with the tangential spring rate, with

the summation of the tangential and the additional spring systems acting in parallel between

the shocking device (Hyge sled) and the tube bundle.

Denoting the additional spring system by SX, the integrated spring rate is expressed as

follows:

nW [ STSX +
5 - _ltL__ SR) (59)

It follows that

STSX _ C2ST (60)
ST+SX
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ST (61)
SX- 3

The experiments showed that the displacement is elastic, i.e., the original situation is

restored and apermanent set is not observed. Furthermore, the data showed that Sx re-

mained constant for a given radial pressure.

The internal displacement of Figure4. 4-37apparently are related to the undersized re-

flecto," bars. The reIleebn" bars were 0. 365 inch across .qats while the tubes which repre-

sented the core were 0. 372 inch across fiats. The discrepancy in size creates gaps in the

reflector regi_m which, in turn, permits some movement of the rods and tubes with respect

to one another. Numerous plmtographs were taken, but failed to produce any detailed know-

ledge of the nature ot the deflections because oI the very small motion between adjacent

' tubes.

The following expression correlates the tangential spring effectiveness with the traction

of transverse suppo,'t furnished by the hydrostatic and shear systems:

C28 T I - f (62)
SR f

This expression was used in deriving the design plots of section 4.4.4.

4.4. 7. 4 Vibration Dampening

The fundamental frequency of the system for axial translation is expressed by Equation

(46).However, 5 staticis determined by Equation (57) using the proper value for C 2. Natural

frequency correlations made with three-tier mockup data using both vibration test data and

shock data gave values generally 5 percent on the low side. The slightreduction of the

natural frequency is to be expected with a dampened system.

Oscillations n_,ted in the ,,scillograph rec_rdings were used in evaluating the shock data

f{,r vib.ratiun dampening since the square-wave acceleration applied to the system would

normally cause it to vibrate at its natural frequency. The duration of the steady acceleration

was approximately 0.12 second, and any harmonic motion induced by the square wave having

a peric_d lens than 1/2 (w 1/3 (,f the 0. 12 sec, md impulse was discernible on these records.
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Theamplitudeof oscillationsis a functionof thedampeningin thesystemandtheamount
of energyinput. Thedampeningin turn, is directly relatedto thefriction andtheradial
pressure. Figure4.4- 38showsa sketchillustrating thenatureof therecordeddata.

To evaluatethedampeningcharacteristics,the line A - A wasdrawnthroughtheaverage
displacementlevel indicatingthestaticdisplacementduringthesquarewaveacceleration
inputandtheactualamplitudesof theexcursionsor swingswereplottedonsemiloggraph
paper. Thechartsof varioustransduceroutputsshowingbundlevibrationfollowing5-G
accelerationsimposedona 5 psi radially spring-loadedsystemshoweda linear decrease
in amplitudeof vibrationwith time. Thelinear decreaseof amplitudeimplied thata viscous-
typedampeningwasoccurringin thesystem.At first, this seemscontradictoryto the
fact thatnoviscousdeviceswerepresent.However,friction at thelarge numberof indi-
vidualsurfaceseffectivelymaybeadditiveto produceviscous-typedampeningwitha con-
stantlineardecreasein theamplitudeof thevibration. It is logical to expectthatnotall
friction surfacesact simultaneouslyat the instantdisplacementbegins, but that more

surfaces become effective as the displacement increases. The total energy being dissipated

in friction would then increase exponentially as a function of core displacement, and the
overall effect would simulate viscous-type dampening.
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Fig. 4.4-38 - l)amp_'nin_ characteristics in the ttlr_._'-ll'¢:r morkup

The dampening ratio, as evaluated from shock tests, was approximately 0.3 at 10-psi
radial pressure and increased to 0.4 at 17.5 psi.

4o 4. 8 PRESSURE MAGNIFICATION IN THE TUBE BUNDLE

The large number of elements that make up the tube bundle are not identical in size but

vary within the manufacturing tolerance. This tolerance permits some elements to accept

more load than others in the form of local pressure concentrations. Both experimental and

analytical means have been used in attempts to assess the magnitude of these pressure con-
centrations.

One analytical approach assumes that undersized tubes may be assembled adjacent to each

other to produce cavities within the tube bundle. Pressure concentrations are expected to

occur around the cavity due to the bridging of the load. By applying the analogy of a disc
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with a hole in it and under external pressure, the stress at the edge of the hole can be

determined as a function of the hole size relative to the size of the disc, as shown in Fig-

ure4. 4-39.Thus, a pressure concentration factor, C3, may be determined. For a homog-

eneous bundle without a cavity, Po = (;8 = aiR. When a cavity is introduced with a radius

up to 1! 2 that of the bundle radius, the tangential pressure is approximately 3 times the

radial pressure and the inward radial pressure is zero, i.e.,

also

Rc > 0.5 (64)
c;R=0, and... C5 _ 3 when--_

Another analytical approach shows that, neglecting friction, a single undersize tube will

produce a local pressure adjacent to it of twice the average pressure. From the same con-

siderat ions, an adjacent pair of undersized tubes will introduce a pressure concentration

factor, C3, three times the average pressure, Po- Figure4.4-40illustrates this concept

through the use of force polygons. The largest value of C 3 found during thel41Ddesign was
3.0.

Fig.4.4-39- I, L(iliJ_b'_,,r,*,*r,d:,i,,_r*i,,tl,,_T*Ib,_bu*,dI,"

Several experimental attempts to determine the pressure concentration factor were

largely unsuccessful. Strain gages attached to various small and large tube bundle mockups

failed to measure dimensi,mal changes as the radial pressure, shock, and vibratory forces

were varied. Another test measured the' Load required to initially slide groups of tubes in

apressurized bundle. The variability ,,l th., lricti_mal coe[ficient and the unknown pressure

distribution, i.e., whether two. three. I, mr. iiv,_.or six sides were actually loaded, caused
doubt whether" the maximum or an avera_e-maximun_ value was measured. A third test

introduced successively larger cawtivs into apressurized tube bundle, and could be considered

a count-the-cracked-tubes appr_mch. The stability of the tube bundle in redistributing loads and
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bridging around the cavities was impressively demonstrated but tubes did not fail. Quali-

tatively, however, the tests gave confidence that excessively large concentration factors
do not exist.

A pressure concentration factor, C3, of three has been chosen on the basis of analytical
and experimental data and is currently being used.

4. 4. 9 EFFECTS OF CORE LINER FIT ON TUBE BUNDLE PRESSURE DISTRIBUTION

When a large axial cavity is provided through the tube bundle, a thin walled tube or liner

may be used to form the cavity and assure the integrity of the tube bundle. Ideally, the
liner structure acts only as a substitute for the ceramic parts removed and does not alter

the magnitude or direction of pressures and load paths. However, with manufacturing tol-

erances and differential thermal expansions, it is impossible to guarantee a perfect fit,
and the effects of oversize and undersize fits must he evaluated.

Figure4.4-41 is a plot of conditions within the tube bundle that are dependent upon fitup.

All fact.ors are normalized for simp!ification. The ordinate is the ratio of tangential pres-

sure. ST, to radial spring pressure, Po- The abscissa is the ratio of the cavity radius, r,
divided by the bundle radius, R. Curve A represents the case in which the liner is com-

pletely undersized such that it is actually free to ride within its hole while imparting zero
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pressure against the core and merely serving to retain loose tubes. Resulting tangential

pressures within the bundle reach a maximum of 2.08 times the external pressure at the

inside by applying the stress concentration analogy. Curve B represents the ideal case of

hydrostatic equilibrium where all pressures are equivalent to the external pressure. Curve

C represents an oversize liner in which the tangential pressures at the liner interface

approach zero but the radial pressure approaches 1.92 times the spring pressure. It should

be noted here that any further increase in liner pressure is impossible because the bundle,

being unable to support tensile pressures, will begin to separate, thus moving the apparent

inner radius farther and farther out until eventually the internal pressure will equal the

external pressure.

4. 4. 10 DIMENSIONAL STACKUP OF THE TUBE BUNDLE

4o 4. '10. 1 Statistical Theory

The dimensional stackup of the tube bundle is predicted by semi-empirical methods based

on statistical treatment of tube dimensional tolerances. Past analysis has shown that the

dimensions of the tightest assembly of hexagonal tubes are characterized by the across

flats dimension of the tubes and an interstitial gap between the tubes. The following statis-

tical analysis is based on the geometry and nomenclature defined in Figure 4o 4-42.

--_ XF3 _ _ E -,'_

II I Ill _ Ill _ II tl n |

L%M.*.%. ML.%. _J t.q...4.

F_ :: tube envelope

X F tube across flats

XC, : interstitial gop

X n distance across n tubes

• Fig. 4,4-42 - I,.',,'Ta,'Irx ,,_,_ h,cr:,'!v I,,IHP' '1 .,' i il_ IHi,.' I,,m H,, Ji':.'n_i,m.I
-I_ l, Lt I ,
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Figure 4.4-42 shows that the following relationship applies:

n n-1
Xn= XGi

i=1 i=1

From the definitions of averages:

n n-1

XFi = n XF, _ XGi = (n - 1) X.G
i=l i=l

Therefore, the average measurement across n tube is:

X,n = nXF + (n -1)_

From statistics, given the standard deviations of the gap and across fiats:

(65)

(66)

(67)

=n +(n-1) (68)

It is evident from the above equations, that the measurements across tubes in a tight

assembly may be predicted, given the statistical distributions of the tube across flats'

measurements and the interstitial gap.

The distribution of the across flats' measurements is readily obtained from sample in-

spections of the production tubes. Ifthe pr,___uctionhas not begun, then the distributionmay

be assumed as normally distributed with an estimated percentage between the upper and

lower tolerance limits. As an example, assume that the tubes in a given tube bundle have

their tolerance limits across flats specified as 0. 3180 ±0. 0020 inches. Assuming that the

mean dimension of all tubes is 0.3180 inch, and that 95 percent of all tubes fall within the

limits of ±0. 0020 inch, the standard deviations, _F, equals 0. 0020/1. 96, or 0. 00102 inch.

The interstitial gap cannot be measured directly. Semi-empirical analyses using various

assemblies of various size tubes has shown that the gap is primarily dependent upon the

variation (or standard deviation) of/_he flats dimensions and the radial pressure imposed

upon the tube bundle. The relation developed from the test analysis which described approxi-

mately 96 percent of the gap variation is

_G = -0. 001365 + 6.1052 _F - 1789.73 _F 2 - 0. 025283 _F P (69)

where _ and _ describe the population distribution rather than the sample distribution des-

cribed by X and S, and P is the average radial pressure on the tube bundle. From the

same analysis, _G = 0. 00328. Using _F = SF = 0. 00102 and P = 30 psi, _ = 0. 0022.

The tube bundle stackup can now be predicted, using the above equations and the follow-

ing values for the various parameters:

XF = 0.3180

S F = 0. 00102

x G = 0.0022
sG -- o. 00328

The tube bundle is assumed to be built up into a radius equal to 85 tubes placed flat-to-

flat. The predicted individual dimensions of the outer radius for the average assembly are
equal to

Xor = 85 (0. 3180) + 84 (0.0022)
Xor = 27. 215

S2or = 85 (0. 001022) + 84 (0. 003282) = 992. 1396 x 10-6

Sor = 0.0315

where the subscript o__rrapplies to the outer radius.



For anaverageassembly,95percentof thevaluesare expectedto lie within theregion
:_1.965,or 27.215x 0. 062; and 99.7 percent are expected to lie within the region

:t 35, or 27. 215 _ 0. 095 (the linear dimensions are inches).

4.4. 10. 2Experimental Test Program

Careful dimensional measurements were made of all tubes in several sets of tubes.

(These samples represented a wide variety of sizes and dimensional tolerance conditions. )

The dimensions measured are shown in Figure4.4-43.Three across-flats measurements

(at the middle and at each end) were taken on eacll set of fiats. The average of these

measurements was taken as an individual piece of the data in calculations for the statis-

tical parameters XF and S F. The camber was measured as "plus" or "minus" depending
upon the concavity or convexity of the particular flat. All six surfaces were measured and

entered into the calculations. For tubes having opposite sides parallel, the mean camber

is equal to zero except for any inspection bias. Three corner angles were measured on

each tube by an optical comparator for calculation of its variance (the mean angle must

equal 120 degrees except for inspection bias). The sets of tubes were then assembled in
various fixtures to determine the stackup characteristics for each set of tube attributes.

C
q '-
ACROSSFLATS

TWIST CORNER ANGLE

Fig. 4. 4-43 -Tube measurements for core definition studies

An analysis of the test data was performed using statistical methods to determine the
correlation between the tube attributes and the overall dimensional characteristics of the

assembly. Specifically, the analysis determined the statistical distribution parameters

for the interstitial gap as a function of the distribution parameters of the attributes.

The first step in the analysis was to assume an equation and independent variables for

the correlation for the mean interstitial gap. The assumed equation was a second order

equation with unknown coefficients. Coefficients then were calculated by methods of least

squares using the experimentally determined values of the interstitial gap and the measured
values of the tube attributes. The variance of the mean interstitial gap was calculated from

the magnitude of the residual between the mean gap as given by the equation and the experi-

mental data.

The precision of the equation, and therefore the authenticity of the assumed independent
factors and form of the equation in predicting the experimental data, was determined by

the percentage of the calculated variance of the gap dependent on the variation of the input

data. The equation and independent variables were iterated until agreement reached an

acceptable value.

The following ,equation was assumed for correlation of the experimental data:

izG = a 0+ a 1 a F + a 2 a2 + a 3 (_Fp (70)
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where:

a0, al, a2, a 3 = unknown constants
p = average radial pressure, psi

After several iterations, the analysis produced the following values for the coefficients:

a 0 = 0. 0013649671
a 1 = 6.1052021

a 2 = 1789.7309

a 3 = 0.025283227

Analysis of the variance indicated that 95.7 percent of the variability of the residuals

from the semi-empirical equation for the.mean interstitial gap was attributed to the varia-

tion of the input experimental data. This indicated that approximately 3.3 percent of the

variability could be attributed to causes not accounted for in the equation, including camber,

twist, corner angles, and possibly unknown factors.

4. 4o 1 1 DISPLACEMENTS OF THE TUBE BUNDLE

Displacement of all major components of the tube bundle must be carefully analyzed to
establish the extreme movements of the components during all operating conditions. The

displacements are classified in three categories; manufacturing, thermal, and mechanical.

Data from these analyses are used to design gas seals, control rod coolant channels, clear-

ance requirements, and possible interferences. Also, the data is used in determining loads

on various components due to (1) the barrel-shaping resulting from the longitudinal tem-

perature gradient and (2) non-uniform expansions of the support systems. The displace-
ments relative to the shield and pressure vessel are normally mciuaea in ihi_ aa_y_i_.

Manufacturing displacements - These displacements are due primarily to the tube bundle

stac_mp, or core definition. The category also includes the usual scrutiny of assembly

tolerances of mating parts since these tolerances must be added to the other categories

to establish proper limits.

Thermal displacements - This category includes displacements caused by thermal ex-

pansions. Many tedious calculations are often required to fully identify the relative effects

of contributors in this category. Steady state component temperature distributions are

usually available. Transient conditions, however, require careful analysis. The progressive

differences of thermal expansion of the various components must be compared during both

startup and shutdown. Metallic parts have higher densities and expansion coefficients;

their different coolant requirements can cause design difficulties since their thermal motions

lag those of the tube bundle with which they are in intimate contact. Clearances must also
be established within the radial and longitudina_ support structures for an inadvertent startup

runaway condition wherein the fuel elements may exceed their design temperatures and ex-

pansions at a time the restraining structures remain cold.

Mechanical displacements - The third category, mechanical displacements, is due to

deflection of the various parts under load. These loads may result from aerodynamic drag

on the parts, dynamic loads, frictional resistance to movement between bundle components,
etc. The first two sources of these deflections represent normal structural design problems.

Friction, however, must be regarded as "always hurting." A good practice is to provide a

design which can withstand a frictional coefficient ranging between zero and twice the pre-

dicted value.

4. 4o 17- LONGITUDINAL PRESSURE BETWEEN TUBES

Longitudinal restraint of the tube bundle is provided by the axial support structure located
both forward and aft of the tube bundle. The tube bundle is trapped but not preloaded by

these components. Adequate clearance space must be provided to permit the tube bundle
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and the metallic structure to expand indcpend_mtly as iadividual temperatures and material

prope'rties dictate. Since the aerodynamic load is usually the principal load, the tube bundle

normally bears against the aft structure with a gap at the forward end. The mechanical

stresses in the fuel elements resulting from loads introduced by the axial support system

have been found to be low in magnitude.

Although axial loading of the tubes is not as critical to their performance as radial load-

ing, it has been investigated rather intensively for other considerations. At first glance the

picture appears simple but, on closer examination, axial loading is nearly as complex as

radial loading. Complexities are introduced primarily by the radial pressure and the re-
sultant friction between elements that resists and distributes axial loads. This friction

enables the bundle to perform as a load-carrying member and also introduces loads in

addition to the aerodynamic forces caused by the relative thermal displacements of the

external supporting sturcture. Axial loads are introduced into the core bundle by the effect

of the pressure drop through the core, by friction through the radial pressure pads when

relative displacements between the shell and bundle occurs, by friction from the liner (if

it exists) when relative motion between liner and bundle occurs, and by bearing from the

retainer plates. Internal loading also produces body forces within the bundle.

The design philosophy is that frictional forces and body forces can be exerted in either

direction, but that loads from pressure drop are always directed aft and reactions from

the aft retainer structure are always directed forward. It is possible to visualize, very high

pressure loadings locally at the aft restraint if friction within the bundle is considered to

react against the load due to pressure drop, plus an inertial load, plus the two frictional

loads from the perimeter due to local reactions between the aft retainer and the aft face

of the tube bundle. However, the load on any individual tube is friction-limited and larger

loads only spread the area of the reaction so that this limit is not exceeded. The maximum

element loading is given by the product of the circumference, the total length of the tube

through the core, the radial pressure, XR, and the coefficient of friction.

The aerodynamic drag on a single tube normally is not significant.' Because the load is

friction-limited and because creep tends to distribute the load more uniformly, it is con-

sidered a short-time loading.

4.5 MECHANICAL DESIGN DETAILS OF COMPONENTS IN THE

TUBE BUNDLE

J

I
f

1

:

4.5.1 INTRODUCTION

The descriptive material in this section covers the detailed design

analysis of the more important components of the tube bundle. The fuel

element is explored in depth. Mechanical, thermal, residual, and com-

bined stresses within the tube are discussed, together with its ability to

accommodate thermal stresses. Other components discussed are the

outer reflector tubes and transition pieces, as well as the components

that form axial cavities through the bundle, i.e., the radial arch and
core liner.

Data from in-pile and laboratory testing under simulated operating

conditions are presented, and the data are correlated by suitable stress

analysis methods. The agreement of the test data with basic materials

properties is demonstrated and the analytical stress evaluation proced-

ures are described.
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It is important that the reader realizes that some failures are to be

expected, and that a limited number of cracked ceramic tubes is not det-

rimental providing a configuration such as the tube bundle is employed

wherein the pieces are contained and the mechanical loads are redis-

tributed. The text also shows various methods of analysis which help

define the stress and strength distribution curves such as shown previ-

ously in Figure 4.B.l-1.

4.5. Z MECHANICAL STRESSES IN FUEL ELEMENTS

4.5. Z. 1 Loads

The fuel element is a short hexagonal tube subject to external loading.

These external loads, in turn, cause deflections and their resultant

principal stresses. Because of the three-dimensional redundancy within

the tube bundle, the loads on a tube can only be approximated, and judg-

ment of the part of the designer is a key consideration in obtaining a

reliable design.

Two major mechanical loadings are imposed on the fuel elements due

to the radial pressure produced by the springs of the radial support

system and the redistribution of this pressure between the many pieces

in the tube bundle. These two loadin_s are identified as beam loadings

and ring loading, caused as follows:

1. Beam loading resulting from the pressure restraining or forcing

deflection of the fuel elements.

2. Ring loading resulting from the pressure concentrations tending

to crush the fuel elements

For the case of beam loading, the fuel element acts as a simple beam

with a concentrated load, resulting from the pressure, applied at the

center to restrain or force the deflections; the deflections arise from

such varied causes as manufacturing tolerance for camber and external

surface dimensions, thermal camber, and core barrelling. This loading

condition produces bending stresses in the axial direction. For the case

of ring loading, bending stresses are induced in a tangential direction,

or normal to the tube axis. Ring loading produces the highest stresses

when the pressure acts on opposite faces of the hexagonal tube.

Loads imposed on the fuel elements are further classified as avail-

able loads, Pa, and conforming loads, Pcnf"

Available Load, Pa - This load is the maximum concentrated load

caused by maldistribution of internal loading pressure within the tube

bundle. It is approximately equal to

Pa = XC 3 A

where:X--pressure loading, C3=pressure magnification factor, and

A--projected area of this tube; since

A=I.155 W s

where: W= across flats dimensions of the tube
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s = length of tube (maximum possible span)

the available loads are equal to

and

Pa,T = XT C3 (1. 155 Ws)

Pa,R = XR C3 (1. 155 Ws)

X T is the short time maximum pressure loading in the bundle, X R is the long time load-

ing, and C 3 is the pressure magnification factor. The pressure is assumed to act on the
projected area of the tube, i.e., the across-corners dimension times the length. Although

an axial load magnification factor may exist due to the overlapping or stacking of elements,

it is considered to be unity.

Conforming Load, Pcnf - This parameter is the concentrated load necessary to com-

pletely force or restrain the tube deflection, 5. It is the load required to nest or straight-

en a tube. It is computed from the familiar beam formula

48 ESI
Pcnf - s3

4. 5. Z.Z Tt!be Deflection

Manufacturing tolerance, thermal camber, and core barrelling influence the deflections.

Manufacturing tolerances result in tubes with slightly different cross sectional dimensions.
The outside surface of the tubes, if ground, generally will have little, if any, camber. It

is assumed that tube deflections due to tolerance, 5to 1, can occur both radially and tangen-

tially in the tube bundle.

Thermal camber is the bowing of an element due to a linear temperature gradient

across the diameter of the fuel tube. The radius of curvature of a uniform bar to rectan-

gular section that has one face at a uniform temperature T, the opposite face at a uniform

temperature T + AT, and a linear temperature gradient between these faces is as follows:

d
R _

AT(_ i

where d is the distance between the hot and cold faces and a is the linear coefficient of

thermal expansion. The thermal deflection, 5AT, is calculated by the following equation,

using the nomenclature shown in Figure 4. 5.2- 1.

R 2=(R- 5AT )2+ =R 2- 2RSAT+52T+_-

When 5AT is small, 51T may be neglected, and

s 2
2 R 5AT - 4

2 s 2s AT (_
5AT - 8 R- 8 W

The thermal bowing, 5AT , is restrained by the available load, therefore, an axial
stress results. Causes of thermal bowing are discussed later, but thermal camber is sig-

nificantly in the outer regions of the tube bundle.
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Fig. 4. 5. 2-1 - Model used for calcul:lting thermal deflection

The nonlinear longitudinal temperature distribution through the tube bundle causes the

outer surface of the bundle to assume a curved shape similar to a barrel. This action is

called core barrelling, 5brl, and is assumed to occur in the radial direction only.

A!! possible tube deflections are directional. Thus, the design tube deflection acting

tangentially in the bundle is

o T = 5_T + 0to 1

and the design tube deflection occurring radially in the bundle is

5R = 5AT + 8to 1 + 8br 1
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4. 5.2. 3 Axial Stresses

If the available load is greater than the conforming load, the axial stress is dependent

on the total deflection of the tubes acting as a simple beam. For Pa > Pcnf,

Oz Pcnf s c 12 E 5Rc
= ---'-4-I - s2

where

c = distance from neutral axis

I = moment of inertia

When D is the bore diameter, the maximum stress (in the inner fibers) at the center of

the span is

6ED 5 R
°z,A - s2--

The maximum stress occurs furthest from the neutral axis on the tube flat, and is equal
to

6EW5 R
(_z,D - S2

When the available load is less than the conforming load, the tube will not experience

the total deflection and the stress is simply a function of the load available, Pa,T" For
Pa -< Pcnf,

(Pa,T) sc (Pa_T) sW
az, A = 4 I = 8 I

When the length (span) of the fuel elements is kept short enough to assure that the avail-

able load is less than the conforming load, larger tolerances, thermal camber, and other

deflections are permissible. Costly finish grinding of the tube exterior may be eliminated.

4. 5. P. 4 Ring Stresses

The maximum pressure concentrations acting on opposite faces of the hexagonal tube

must be evaluated to compute the highest ring bending stresses. When the available load

exceeds the conforming load, the difference appears as a uniformly distributed load on

the tube. The conforming load is assumed to act over a 1-inch length of the tube, and is
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added to the distributed load to produce the maximum pressure concentration acting on op-

posite faces of the tube. Other investigations studying the effects of shear distribution of

the load within the tube and the reduction of stress under concentrated loading when the

tube is loaded as a beam tended to confirm the assumption of the 1-inch load length for

the 140E fuel element. When Pa > Pcnf, the tangential tensile stress is equal to

IP Pcnf+ao= ass ---g-j p

where

S = one-half of the across-corners dimension

a/P = ratio of unit stress to unit loading pressure

When Pa < Pcnf ,

The tangential stress varies circumferentially around the element and is a function of

the wall thickness and the loading condition. Figures 4.5. 2-1a and4. 5.2-2show the results of

a photoelastic analysis of the boundary stress distribution in hollow hexagons for the ex-

treme oases of 2 and 6 sided loading. As the number of sides that are loaded increases,

the maximum tensile stress decreases until only compression exists in the element with

the 6 sides fully loaded. Fig.4. 5. Z-3 shows the effect of wall thickness on the maximum

stress based on the principle of consistent deformations.

i
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Fig. 4. 5. 2-1a- Boundary stress distribution on hollow hexagons with a uniform
pressure load applied to two opposite faces
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4.5.3 Thermal Stresses in Fuel Element

4.5.3.1 Thermally Induced Stresses Encountered in Reactor Operation

Fission heat is generated in the fuel elements essentially uniformly

throughout any one fuel e.lement, but the generation rate varies as a

function of radial and a_}al position in the core. This section deals with

the analytical and experimental thermal stress resistance of a single f(lel

element. (See Figure 4.5.3-1) In Section 4.5.4 the combined mechanical

and thermal stresses will be shown as a function of location in the reactor.

For simplicity, the argument will be developed for a circular tube of

infinite length, having a concentric circular bore, unclad, with internal

heat generation and all heat removed from the bore of the tube. The

effect of different methods of heat input, cladding, end effects, and the

hexagonal outer shape will be discussed after the basic argument has

been developed for the more simple geometry. The details of the stress

analysis have been deferred to the Appendix.

Two assumptions necessary for the stress analysis are: (1) that the

principle of superposition applies, i.e. that the stress solution can be

dex'eloped for" the circular geometry and that the effect of the hexagonal

shape, finite 1 ength, and the addition of cladding can be superposed upon

the circular tube solution, and (2) that the materials behave as a linear

Maxwell model, i.e. that creep deformation is a linear function of stress
1

Vandervoort and Barmore have shown that BeO creep deformation rates

are :_ _iuear function of stress in the temperature range 1370-1540°C.

Chang_has shown similar behavior to 1700°C and FryxellJhas observed

the same behavior for BeO at 1200°C.

The generation of heat wdthin the fuel tube and the removal of the heat

from the bore of the tube causes a radial temperature gradient across the

tube wall, which induces initially the thermal stresses shown in

Figure 4.5.3-Z if it is assumed that the material is stress free at the

temperature corresponding to the mean temperature ('T) of the tube. The

axial (Z) and circumferential (@) stresses at the inner walls are tensile

and at the outer wall compressive due to the restraint imposed by the

tube geometry and the difference in thermal expansion between the outer

fibers at a temperature greater than the mean temperature and the inner

fibers at a temperature lower than the mean temperature. However,

different stress patterns result from (i) continued operation at steady

state temperature and power extraction, (2) a change in the rne an tempera-

ture ! <: <::_such as cooling to room temperature or temperature cycling,

and (3) a change in the temperature gradient (power level) such as power

cycling at a particular temperature level.

When the radial temperature gradient is rapidly established at a high

temperature level followed immediately by shutdown, the thermal stresses

may be determined directly from elastic theory, _vgth consideration of the
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transient conditions during heating and cooling. The maximum steady state

stresses occur when the desired power level is established at the operating

temperature and the component will fail if the maximum tensile stress

locally (inner fibers) exceeds the ultimate tensile strength of the material

at that temperature. The stress components shown in Figure 4.5.3-2

appear when the radial temperature gradient shown is imposed by extracting

power from the tube bore. These stresses are elastic and will disappear

if the temperature gradient is immediately removed.

However, if the tube is held at the operating temperature and power level,

the initial ela_!c stresses will r_ax by creep deformation. The local

strains required to reduce the stress are very small and do not produce a

significant change in the shape of the body. However, the coolest fibers

(inner surface) are stretched and the hottest fibers (outer surface) are

shortened. Consequently, when the temperature gradient is removed after

creep deformation the shortened fibers are in tension and the lengthened

fibers are in compression, the opposite stress of the initial conditions.

Immediate cooling to room temperature, before reverse creep deformation

occurs, results in a residual stress in the tube at the lower temperature.

The residual thermally induced stresses at room temperature are usually

greater than those initially present at the e_ev_Leu..... ten_peratur_ ........b_

of the higher elastic moduli at lower temperatures. When the strength of

the material locally is exceeded by the increasing residual stress during

cooling, local failures such a s small cracks can result which relieve the

stress. Naturally, the larger the radial gradient, the larger the stress

and the more severe the damage to the tube will be if the material strength

is e'_ceeded. Figure 4.5.3-3 depicts schematically a typical power-tempera-

ture - time cycle and the corresponding behavior of the maximum stresses

that would occur at the inner and outer fibers of the tube. The situation is

shown where the maximum elastic tensile stress on the inner fiber does not

exceed the material strength at the operating temperature, but the residual

tensile stress on the outer fiber does exceed the material strength at room

temperature thus resulting in damage to the tube by some degree of cracking.

The stress pattern during thermal cycling after creep deformation at a

particular power extraction level is shown schematically in Figure 4.5.3-4.

After the initial relaxation, repeated thermal cycling (at a rate fast enough

to insure no subsequent creep deformation during heating and cooling)

applies the maximum tensile stress at the outer fiber at room temperature

and removes the stress when reheated to the original high temperature-power

extraction c ondition.

On the other hand, if the power level is changed from a high level to a

lower level and back while maintaining temperature, stresses of reverse sign

appear with each cycle if enough time is permitted between cycles for the

stresses to relax by creep deformation. Since this reversal occurs at a con-

stant temperature, the stress levels will be no higher than the initial elastic
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stress at the operating conditions until the final return to ambient conditions.

This cycle is depicted schematically as Figure 4.5.3-5.

In actual operation variations in operating temperature and reduction in

power could occur simultaneously which would result in some combination

of the above two cycles. It can be seen that a knowledge of the rate of

creep deformation is vital in determining the stresses at a given time in

the fuel tube.

The initial elastic stress either axial (Z) or circumferential _)) at the

surfaces of a simple homogeneous circular tube of infinite length can be

cal'culated from the normal elastic equation:

where

_i = initial elastic stress

_z = longitudinal Stress at the surface

uS = circumferential stress at the surface

E = Young's modulus at T

= coefficient of thermal expansion at T

v = Poisson's ratio

= mean temperature of the body

T
s

= temperature at surface in question

However, because these operating stresses can relax with time at tempera-

ture by creep deformation, it is necessary to add a term which will acount

for the stress as a function of time. Since BeO behaves as a linear

IVlaxwell material, neglecting first stage creep, the stress at any point

simply decays exponentially with time. The stress _at any point as a

function of time is therefore

_t = _i e'_t

_t = stress remaining at time, t

¢i = UZ = _0 = initial operating stress
i ,

= rate constant (function of temperature)
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Upon cooling to room temperature the residual stress in the tube is a

function of the amount of relaxation (i-e -_t) that occurred at the initial

operating temperature and is dependent upon the elastic modulus of the

material at room temperature rather than at the initial operating tempera-

ture. This can be related by:

where

)

res z res _ rex
= residual stress at room temperature

or = initial operating stress
CTi = _Z 0"0.

ER = Young's modulus at room temperatureT

= Young's modulus at operating temperature

Relaxation experiments pc "formed by Battelle Memorial InstitutedLin four

point bending indicate that at ZB00°F stresses relax _o about 70 percent of

the initial value in 10 minutes and to about 45 percent in 1 hour. Ext_'_.p-

olation indicates that in 20 hours at 2500°F essentially all of the initial

stress has relaxed. The re!: _:tion rate constant, _ , is not well defined;

however, sufficient data have been obtained from compressive creep and

bend relaxation tests to evaluate with good. engineering accuracy the time
when complete relaxation < _ .rs. Riley has obtained an approximate value

for _. of 0.20 at Z500°F from compressive creep data, neglecting first

stage creep. This value of _ indicates complete stress relaxation in Z0 hours,

which is in good agreement with the extrapolated bend relaxation results

obtained by Battelle. Since only limited data were available for relaxation

rates, Riley proposed using Larson-Miller pararr_ters and the Z500°F data

to obtain times at other temperatures for an equivalent amount of relaxation

to occur.

For a tube that is hexagonal on the outer surface with a concentric circu-

lar bore, the initial operating stress components are modified by the appli-

cation of a correction factor multiplier (H) to the solution of the equivalent

circular tube. A finite difference program for the case of internal power

generation was used to compare the effect of the hexagonal outer shape to

the simple circular geometry as a function of the ratio between the circular
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b_,_,, dimension (Di) and the "across fiats" dimension (W) of the outer hexagon

surface. The finite difference program indicated that the maximum circum-

ferentis/ elastic stresses for a tube having a hexagons/ outer surface occur

opposite the center of the flats on the inner surface, and at the center of the

fiats on the outer surface. The maximum axial stresses occur at the hex

agons/ corners on the outer surface and opposite the center of the fiats on the

inner surface. The radial stresses are small compared to axial and tan-

gential stresses and are not considered in the present discussion.

The maximum residual tensile stress occurs at t_e center of the hexagonal

flat on the outer surface as a result of the stress reversal on cooling after

creep deformation has occurred. It was observed that the vast majority of

tubes that failed during cooling did so by developing a longitudinal crack down

the center of _ flat. The cracks were initiated at the outer surface and

prop:_ _ed radially inward. This mechanism of failure is that predicted

from the above analysis if the tangential residual stress e_ceeds the material

strength.

When desirable to evaluate the stresses near the ends of the tube, a treat-

ment similar to the hexagons/ correction is used, i.e. a correction factor is

used as a multiplier to the solution obtained for the equivalent circular tube

of infinite length. The detail_H an_]zr_ nf thp _nd corrpct{on is ¢iven bv

Timoshenkc, and Goodier_and further discussed in the Appendix. -

A cladding material has not yet been found which has thermal expansion

characteristics identical with that of the matrix material s/though very close

matches have been possible. Differential expansion between the cladding and

matri:- materials induces stresses even in an isothermal assembly. When a

cladding is bonded to the matrix each superposes a stress upon the other, the

magnitude of which is a function of the properties of the different materials

and the relative thicknesses of each. The thermally induced stresses in a

clad tube can be expressed as the sur_ _" t_o terms: (1) the stress due to the

component's own temperature gradient, and (2) the stress due to the interaction

forces at the clad-matrix interface required to maintain continuity. Since the

equations which account for the effect of cladding are cumbersome, they are

given with the complete stress analysis in the Appendix.

4.5.3.2 Experimental Procedures

The philosophy in the test program was to perform sufficient non-nuclear

bench tests to: (1) screen different fuel element designs for thermal stress

resistance, (2) confirm the ans/ytics/ stress analysis, (B) correlate thermal

stress resistance to mechanical strength properties, and (4) conduct environ-

mental proof tests to establish the effects of such variables as there, ,/

cycling, power _.v¢_ling, and moisture content of the coolant air on the fuel

element. This philosophy relies on being able to simulate reactor thermal

stress conditions in the non-nuclear bench tests. The method chosen to

induce thermal stresses was to heat the tube outer surface by radiant heating

while extracting power by passing cooling air through the bore of the tube.
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It is physically impossible to match the complete radial temperature

profile obtained by nuclear fission (internal power generation) by radiant

heating of the tube outer surface (external heat input). However, by proper

choice of power levels, a given temperature difference can be established

between the mean tube temperature and the inner surface temperature so

that a radiant heat test can induce a stress on the inner surface equivalent

to that obtained by nuclear heating. When the inner surface stresses are

matched, using radiant heating, the outer surface st_e sses are higher by

a factor of about I. 8. In a like manner, if the outer surface and the mean

tube temperature are matched, the stresses produced on the inner surface

of the tube are less by radiant heating than by nuclear heating. This differ-

ence in temperature profiles and, consequently, stress profiles, does not

nullify the use of radiant heating as a test method; however, tests must be

designed to investigate a particular phase of the cycle and not the complete

cycle at one time. For example, i_t were desired to simulate by radiant

heating a particular residual room temperature tensile stress produced in

a reactor, the outer surface to mean body temperature difference by the

two methods of heating would be matched on the tube for a period of time

sufficient for complete relaxation of stresses to occur at the temperature

in question. Then upon cooling to room temperature an equivalent maximum

outer surface stress would be generated even though gradient across the

entire wall would be different. In a like manner, if the inner surface maxi-

mum elastic tensile stress was the target stress to simulate, the tempera-

ture difference between the inner surface and the mean body temperature

would be matched. Figure 4.5.3-6 shows schematically the difference in

temperature profiles produced by the two methods of heating when power

levels are adjusted to produce an equivalent inner fiber elastic stress at

the same i_ner fiber temperature.

Therefore, by matching the proper temperature differences, it was

possible to simulate a required stress at a given location on the tube by

radiant heating in bench tests. Tests ranging in time from i/Z to i000 hours,

wlth and without thermal or power cycling, were performed over an operating

temperature range from I000 to 1500°C, and at heat fluxes at the inner bore

as high as Z4 cal/sec-cm 2 (0.6 Btu/sec-inZ).

To determine thermal stress resistance of tubes the usual procedure was

to establish the heat flux required to cause a given percentage of tubes to

crack due to the residual stress on cooling to room temperature. The tube

was maintained at the operating conditions for a period of time sufficient for

the initial elastic stress to completely relax by creep deformation before

rapidly cooling to room temperature. Using this procedure, the thermal

stress resistance was evaluated at or near room temperature and, conse-

quently, was compared to room temperature modulus of rupture strength

(4 point bending, 3 inch span, 0.06 inch/rain head travel rate, third point

loading).
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An advantage in evaluating stress resistance based upon the residual

stress is that by imposing a thermally induced residual stress on a tube to

some level below the ultimate strength of the material, it is possible to

check the residual stress calculations by applying strain gauges and by

using stress relief methods which was done on a limited number of

specimens.

Bench Test Equipment - Bench tests were performed on single tubes in

specially designed furnaces _, one type of which is shown as Figure 4.5.3-7.

This furnace uses a tungsten helix coil as a radiant heating element. In

o,ddition, furnaces were designed in which the heat was supplied from a

series of p_r:'lel tungsten rods, resistively heated, surrounding the fuel

tube in a "birdcage" fashion, while still another type of furnace employed

an inductively heated tungsten muffle as the heat source. In all cases the

tungsten was in a relatively static inert atmosphere of dry nitrogen or

argon. This inert gas was also in contact with the outside of the fuel tube

while air flowed through the tube bore as the coolant. Later furnace designs

used a BeO muffle between the tungsten heat source and the tube so that

the fuel tube could be in an air atmosphere on both sides.

Inspection Criteria - Since the strain in the tubes could not be measured

while on test, it was necessary to use other methods to evaluate thermal

stress re_stance of the tubes. A useful method was avisual and zyglo*

(fluorescent dye penetrant) inspection of the tube after test for cracks and

observation of the crack pattern. For consistency, in comparing test

results, a crack severity rating was established by which tubes could be

compared. Six categories were used to rate the tubes based upon the types

of cracking. These categories were:

Type I Tube free from stress d_.mage as determined by visual

and zyglo inspection.

Type II Minor imperfections that do not fully penetrate the tube

wall, i.e. minor surface crazing.

Type III Single transverse crack that fully penetrates tube wall but

does not separate tube.

Type IV One or two long't_J t_' ' cracks (generally on opposite flats

of a hexagonal tube).

Type V

Type VI

More th_,n two cracks that fully penetrate the tube wall but

do not separate tube.

Multip! e cracks and crazing accompanied by splintering or

separation, of the tube.

* Tradename of Magnaflux Corporation, Chicago, Illinois
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Only tubes with a crack rating of VI were catastrophically damaged.

Tubes with ratings I and II were uncracked; and, of course, their per-

formance was unimpaired. Tubes having crack ratings of HI,IV, or V

were exposed to a stress in e_:<ess of material strength capabilities but

were not damaged beyond a point which would interfere with transmitting

of structural loads, conducting heat, or restricting the airflow passage.

In-Pile Tests - The final phase of the test program was to perform

in-pile tests to confirm the results obtained in the bench test program.

The irradiation cartridges were composed of six fueled tubes per stage

surrounded by unfueled tubes and rods of BeO which acted as insulators

and were used to support thermocouples for the test specimens. These

cartridges were _tested in the Oak Ridge ResearCh Reactor (ORR) and

the Materials Testing Reactor (MTR). Some twenty different irradia-

tion cartridges of either a single stage or four stage design were tested

and evaluated as to thermal stress resistance. Figure 4.5.3-8 shows

an exploded view of a typical singl e stage irradiation tube bundle with

other ceramic components used in the cartridge.

4.5.3.3 Experimental R :'i

Some iZ00 single tube dynamic bench tests were performed, totaling over

IZ5,000 hours of te_t time, in the evaluation of various cer_z _:_fuel tube

designs. These tests included: (i) long time tests at specific design

points to evaluate tube integrity under steady state conditions, (Z) short

time tests to evaluate effects of thermal strain rates during start-up

transients, (3) tests under severe moisture contents in the coolant,

(4) tests designed to evaluate different cladding or coating materials,

(5) tests designed specifically to establish a particular residual thermal

stress in the tube when brought to room temperature, and (6) tests to

determine _' _:r_ stress resistance of a tube design.

For examples of experimental results obtained in the program,

(i) two different test series are shown in which the resistance to thermally

induced residual outer fiber tangential stresses is compared to pretest

room temperature modulus of rupture strength of the material, (2) the

effect of the residual stresses on the post-test room temperature modulus

of rupture strength is shown, (3) an example is presented in which the

thermally induced residual stress calculated to be in a tube outer fiber is

measured using strain gauges, and (4) results of the in-pile irradiation

test program are compared to pretest room temperature modulus of

rupture str ength.

Factorial Experiment: Residual Stress vs. Operatin_ Temperature,

Heat-Flux, and Time - The first example is of a series of tests per-

formed on a particular element which employed a fueled BeO matrix having

a cladding material on the inside surface. A statistical factorial experi-

ment was performed in which the variables were inner bore temperature,
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time, and inner bore heat flux, making a total of 27 different combinations.

Each of the 27 test conditions was z 5 times. Care was taken not

to heat and extract power in a manner which would permit the initial operat-

ing stress to exceed the material strength. Therefore, if atube was to fail,

it would do so as a result of the residual outer fiber stress :-_ eding the

material strength. Table I lists the results of the experiment in order of

increasing residual outer fiber circumferential stress and the percent of the

tubes that cracked for the 27 combinations of inner bore temperature, heat

flux, and time at operating conditions. The results of the test are shown

in Figure 4.5.3-9 grouped in intervals of 4,000 psi and compared to the

room temperature modulus of rupture (4 points, 3 inch span) for the tubes.

It can be seen that the thermal stress resistance curve is above the modulus

of rupture distribution curve.

Residual Stress Resistance of Coated Tubes - Similar results were ob-

tained in another test series comprising 81 tubes having thin vapor deposited

coatings on the inner surface of fueled BeO tubes. In this series, all tubes

were tested at an inner bore temperature of 2500°F for times ranging from

20 to 1000 hours, sufficient for complete stress relaxation. The percent of

tubes crack free at five different stress levels (residual outer surface

tangential stress) and the distribution curve for the room temperature

modulus of rupture strength are shown as a function of stress in Figure 4.5.3-10.

Th_e_¢: particular tubes were of lower strength than those in the first case but,

again, the same pattern appears; that is, the thermal stress resistance curve

is above the -n temperature modulus of rupture distribution curve.

Effect of Residual Stress on Post Test Modulus of Rupture Strength- The

modulus of rupture strength of a _ub_ measured at room temperature after a

thermally induced residual stress has been imposed is reduced because of the

residual tensile stress in the outer ___beLs of the tube. Modulus of rupture

strength of tubes that had operated at power extraction and temperature condi-

tions designed to produce a tangential residual outer surface tensile stress

equal to approximately 50, 70, and 90 percent of the pretest annealed strength

was reduced by 22, 30, and 4( rJercent respectively. The strength of control

tubes of each group after annealing of the residual stresses had essentially

recovered. From this series it would appear that the reduction in the bending

strength is equal to about half of the maximum residual tangential tensile stress

which occurs at the center of a flat on the outer surface. From the finite

difference solution for _ _/_al tubes, the predicted ratio of axial to circum-

ferential stress at the center ef the flat would be about 0.6 for tubes having

the Di/W ratio used. Therefore, the reduction in the post test modulus of

rupture strength appears to be reduced by an amount approximately equal to

the value of the longitudinal stress component at the center of the flat. The

maximum longitudinal stress appears from the finite difference solution at

the hexagonal corners but is only about i0 percent higher than at the center of

the ;___ats.
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Confirmation of Calculated Residual Stress by Strain Gau_e Measurements

T.he accuracy of the circumferential outer surface residual stress calculation

was checked by use of strain gauges. The gauges were attached to the center

of a hexagonal fiat at 0.5 inch increments down the length of a tube. The

residual strain on the outer surface was measured by grinding away the inside

wall in small increments and measuring the strain release resulting from the

removal of the complimentary stress on the inner bore. Reproducible data

were obtainable for the circumferential strain, but the longitudinal component

was not , _: :.ssfully measured. The effect of the longitudinal component of

strain is to add a factor which would vary from zero to a maximum which would

be the product of the circumferential strain multiplied by Poisson's Ratio.

Figure 4.5.3-11 is a plot of the circumferential residual tensile stress at the

center of a hexagonal flat as ca l.:L_: d from strain gauge measurements. The

two curves show the limits of the _:_:_ _ :_tial stress profile along the length of

the tube if (1) no axial component of strain were present, and (2) if the strain

in both the tangential and axial directions were equal. The actual case would

be expected to fall within these boundaries. The maximum tangential stress

which was calculated for this particular tube falls about half-way between the

boundaries. From this measurement it appears that the longitudinal stress

is about 50 percent of the tangential stress at this location, about the same

as predicted by the finite difference analysis, and that the stress calculations

describe the actual stress conditions to a good degree of accuracy.

Figure 4.5.3-11 also shows the typical variation in the circumferential

residual stress component resulting from the radial temperature gradient

along the length of the tube in the bench tests as a result of the rather short

heated zone in the furnaces and the use of ambient cooling air. Even as

severe as this longitudinal temperature profile is, the stresses r_su!ting

directly from the longitudinal temperature gradient are small compared to

those resulting from the radial temperature gradient, q

Results of In-Pile Nuclear Tests - Results a _- least equal to those obtain_ d

by the radiant heating tests were observed in tests conducted to evaluate the

stress r_s_ance of fueled tubes under nuclear conditions. Figure 4.5.3-12

shows the test results compared to a room temperature modulus of rupture

distribution curve for the tubes. As can be seen, several of the tests had no

cracked tubes at relative residual stress levels about twice the value of the

minimum modulus of rupture strength. It is possible that this is the result

of some annealing of the r_ ;3_!1 stresses due to the shutdown procedure in

the in-pile tests.

These results indicate that the radiant heating tests were more severe than

the nuclear heating tests and therefore the results of radiant heating tests can

be assumed to be conservative in estimating thermal stress r_:_/s_ance of the

tubes relative to the nuclear tests.
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4.5.3.4 Discussion of Results

It was possible in this program to (1) define the problem, (Z) relate

thermal stress resistance to mechanical strength measurements, (3) per-

form tests by imposing stresses by radiant heating and correlate these

results with stresses imposed by nuclear heating, and (4) impose a calcu-

lated thermally induced room temperature residual stress and actually

measure the amount of the stress with strain gauges and stress relief

methods.

Of the many different test series performed, in no case was the resistance

to thermally induced residual stresses less than the strength of the material

as determined by four point modulus of rupture tests at room temperature.

Figure 4.5.3-13 shows the thermally induced residual stress at which

50 percent of the tubes tested cracked (light bars) compared to the average

value of the room temperature modulus of rupture strength (dark bars) for

the same series. The tubes of the first series shown had small transverse

cracks at the corners of the hexagonal outer surface which reduced the

modulus of rupture strength but did not affect the resistance to atangential

stress component maximum at the center of the flats.

One probable reason for the resistance to thermally induced stresses being

greater than resistance to stresses imposed by four point bending is that

when thermally induced stresses are imposed upon the tube, small stress

relief cracks can form which relieve the stress without necessarily going to

complete rupture of the tube. On the other hand, in the bending test when

the initial fiber failure occurs, continued application of the load results in

immediate propagation to failure. In the post-test analysis of a thermal

stress test, if the small stress relief cracks cannot be observed by the

inspection method used, the tube would be considered as not cracked which

would indicate a better resistance to thermally induced stresses the::

actually exist.

The pattern of the cracks observed offered a good indication of the stress

responsible for cracking. For example, the most common crack pattern

observed for a tube that had been exposed to too severe a thermal stress

was the longitudinal cracks, (generally two, on opposite flats of the hexagonal

outer surface, at the thinnest section) extending from the hottest portion of

the tube out toward the ends. This crack pattern was typical of those result-

ing from the transerve stress component on the outer surface exceeding the

material strength on cooling to room temperature. Some tests were per-

formed at stress levels such that the outer fiber circumferential stress was

exceeded resulting in longitudinal cracks, but with not enough energy release

to cause the crack to propagate completely through the wall to the inner

surface. Such tests verified that the maxinaum tensile stress causing the

crack was in fact the outer surface circumferential component. If on heating,

the inner surface stresses excee,_d the material strength and a crack

propagated through the tube wall, enough coolant air from the bore would
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permeate into the inert atmosphere of the furnace chamber enclosing the

tungsten heating elements that almost immediate failure of the tungsten

heating coil would result, signalling that a crack had occurred in the tube.

Occasionally tests were performed in which too severe a longitudinal

temperature gradient was imposed on a tube. Although normally the

stresses resulting from the longitudinal temperature gradient were small

compared to those resulting from the radial temperature gradient, on

occasion a poorly assembled test setup would produce a sudden sharp

increase in the longitudinal temperature profile. This usually resulted

in a transverse crack in the tubes when the axial component resulting from

the longitudinal temperature profile was superposed upon the axial stress

component resulting from the radial temperature profile. However, in

normal reactor operation stresses resulting from the longitudinal tempera-

ture profile are of even less consequence than in a radiant heating test.

When one considers the various ramifications associated with the relaxa-

tion of the operating stresses, it can be seen that this phenomenon can be

used to advantage in permitting operation at power levels in excess of those

that would be possible if the stresses did not relax with time. In order to

show this experimentally, tests were performed according to a cycle shown

schematically as Figure 4.5.3-14. Here the operating temperature was

established but the maximum power extraction level was reached by steps

allowing sufficient time at the lower level for the elastic stresses to relax

before the material strength was exceeded. After relaxation had occurred,

the power level was raised to a v::iue twice that which had previously been

shown to be sufficient to rupture a similar tube in unscheduled heating and

cooling cycles. Before cooling to room temperature from the high level of

power extraction, the power level was reduced in steps while maintaining

the temperature so that relaxation of stresses could result before a residual

stress developed of a magnitude sufficient to crack the tube. The results

were as expected, the tubes were brought through the cycle without evidence

of cracking. The lar_ctical application of this principle of operation in an

actual,reactor is s_ewhat questionable since scheduled shutdowns cannot

always be assured.

4.5.3.5 Summary and Conclusions

Radiant heating of the outer surface (external heat input) of a tube with

power extraction at the bore can be used successfully to simulate certain

thermal stresses resulting from nuclear power extraction (internal heat

generation) with all heat removed at the bore if a particular stress at one

location of interest is considered in one test. Thermally induced residual

stresses produced by both methods of heating can be correlated to the pre-

test modulus of rupture strength.

The maximum elastic tensile stress occurring on the circular bore of a

tube having a hexagonal outer surface is the circumferential component of
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the stress resulting from a radial temperature gradient across the tube

wall and occurs at the thinnest wall section during heating to elevated

temperatures. With time at temperature, this elastic stress can relax

completely by creep deformation. The maximum elastic tensile stress

occurring on the outer surface of the tube is at the thinnest section and

is the circumferential component of the stress resulting from the

removal of a radial temperature gradient after creep deformation occurs.

Immediate cooling to ambient temperature from the operating tempera-

ture after creep deformation causes a high residual stress on the outer

fibers which is the tensile stress of greatest magnitude encountered in

the normal cycle of heating, long time steady state operation, and

cooling to ambient temperatures.

Calculated values of room temperature residual outer fiber stresses

can be confirmed using strain gauges and stress relief methods.

A residual tensile stress on the outer surface of a tube will reduce

the room temperature modulus of rupture strength by an amount

approximately equal to the axial residual stress component.

]By scheduling heating, cooling, and power extraction rates so that

stress relaxation can occur to and from the maximum power extraction

level, the maximum allowable level can be significantly increased

over that which would be possible with unscheduled heating and cooling.

Practical application of this principle, however, may be difficult to

achieve.
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TABLE 4.5.3-1

FACTORIAL EXPERIMENT RESULTS IN TERMS OF INCREASING

OUTER-FI BElt RELATI VE RESI DUAL STRESS

Relative Bore Relative Time at Percent

Outer-Fiber Zemp. Heat Flux Temp-Power of Tubes

Residual Stress PC at Bore hours Crack-Free

.02 1260 .65

•b4 1260 .85

.05 1260 1.0

.34 1370 .65

.40 1260 .65

•44 1450 .65

.44 1370 .85

• 55 1260 .85

• 56 1370 I.0

•58 1450 .85

• 60 i 260 .65

.62 1370 .65

.64 1370 .65

.66 1450 .65

•66 1450 ,6 -_

.72 1260 1.0

.75 1450 1.0

•76 1260 .85

.78 1370 .85

•80 1370 .85

•83 1450 .85

• 83 1450 .85

• 92 126O 1.0

.95 1370 1.0

•97 1370 1.0

1.0 1450 1.0

1.0 1450 1.0

..,.,

0.5 100
0.5 100

0.5 100

0.5 100
10.0 100

0.5 100

0.5 100
I0.0 i00

0.5 60

0.5 100

50.0 1O0

10.0 100

50.0 80

I0.0 80

50.0 0

10.0 60

0.5 20

50.0 60

10.0 20

50.0 0

10.0 60

50 •0 0
50.0 60

10,0 0
50.0 40

I0.0 0

50.0 0
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4. 5. 4 ALLOWABLE STRESSES AND COMBINED TOTAL STRESSES

The total stresses at any point in the fuel element are obtained by combining the indi-

vidual stress contributors algebraically and using the principal of superposition. The

time of occurrence, location, and direction must be considered in the combination. Stress

combinations are primarily directed toward determining the maximum tensile stresses

since these stresses are of greater importance than compressive stresses.

total combined stresses are found for (1) initial elastic tensile stresses occuring during

operation and (2) the residual tensile stresses at room temperature following shutdown

from nuclear operation. The combination of residual temperature stresses assumes that

complete relaxation has occurred and, consequently, gives the maximum value. Figure
4. 5.4- 1 shows the location of developed stresses and the nomenclature used for stress com-

binations. The following four combinations have been found to be of primary concern:

aS, A -The operating elastic tangential tensile stress at point A located away from the
tube end, m

crz,A -The operating elastic axial tensilestress at point A located at the center of the

tube, s/2

aS, B -The residual tangential tensilestress at point B located at the ends of the

tube, e

_z, D -The residual axial tensile stress at point D located at the center of the tube,
s/2

MECH. LOAD

No,l_ No Cladding

÷ red,cotes tens;on

- _nd_c_te: compression

LOCATION OF

MAXIMUM STRESS

INITIAL OPERATING STRESS RESIDUAL STRESS

(Elastic Stress at Temperature) (Room Temperature)

_0, Res

Maximum

Combined

° m

+
e

C_Z, Res

Maximum

Combined(2)

TANGENTIAL, a 0

Maxlmum (I) Maximum Maximum

Thermal Mlch_meal Combined

A + m(2) + _=0 ° m + m

0=0 °

B el3) " ('B'_ e •

C ÷(_A) m +()=30° m
(,'A)

D 0

(I)Use tangent;o[ thermal strets factor, H_,

(2)m-in(licorl$ moximum sttessel occur Üway from ends.

(3) m-indicate, end correction factor, eb, m_st be opplied,

Maximum tangential stre|te$ OCCur of tube end_,

AXIAL STRESS, o"z

Maximum (I) Maximum Maxlmuo( 2

TbetmaJ Mechanical C_a_blned

A + +_=180 ° +

B

. 0= 150 °

D - - ') _ _o ° -

(lluse _.,_I _be,_al s.e$5 _ac_or, H z.

,_umoo-b,_eddx:o,,,:.,................. t

Fig. 4. S. 4-1 -Maximum combined thermal stresses
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The data of Fig.4. 5.4-1 apply to an unclad tube. However, the data for clad tubes are

similar, but differ In magnitude.

The stresses for the four combinations identified above are shown in Figures 4. 5.4-2.

4. 5.4-3 and 4. 5.4-4 as a function of the fractional length through the core. Curves of this

type graphically present a quick summary of the stress conditions, and especially if the

allowable stress is included in the curves.

The design criteria for the 141Dfuel elements required that the ultimate stress (1.5

times the limit stress) be compared to the minimum modulus of rupture (average modulus

of rupture minus three standard deviations). The limit stress would necessarily occur at

one of the above four points.

The validity of these stress calculations has been demonstrated by extensive development

testing, the results of which are discussed in APEX-914, "Ceramic Reactor Materials."

4. 5. 5 OTHER COMPONENTS IN A TUBE BUNDLE

4.5.5:1 OUTER REFLECTOR

Reflector tubes and rods are designed by the same general methods as the fuel elements.

Due to the lower heat generation in these unfueled ceramic pieces, the thermal stresses

are low. Mechanical loadings are approximately the same as those in the fuel tubes. How-

ever, because of the large radial temperature gradient that normally exists across the

outer reflector, the thermal camber is much greater than in the fuel elements. Since the

resulting axial stress may become a primary concern, a good design fix is to increase the
stiffness (moment of inertia) of the unfueled ceramics. This is accomplished by shortening

the elements or by increasing the across-flats dimension. The latter method would be

economically desirable since the number of parts is greatly reduced.

The lower temperature level of the reflector parts usually precludes relaxation of the

internal stresses, and may eliminate the need for cladding beryllia pieces. Also, a slight

undersizing of the outer reflector pieces is incorporated in the design to permit differential

thermal expansions.

4. 5. 5-2 TRANSITION PIECES

Transition pieces are used at each end of the core to serve as a manifold for coolant

entering and leaving the fuel element passages. The pieces also act as end reflectors. At

the inlet end. coolant enters one large hole and is distributed to seven, nineteen, or more

tube passages. At the discharge end, the coolant is recombined before passing through the

axial structure. The design permits the use of fewer, large-diameter holes in the metallic

end retainers, and penalties caused by flow passage misalignment are decreased.
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Fig.4.5.5-I is a photograph of a typicalcluster of seven aft end transition pieces. They

are arranged in three axial lengths to stagger the tubes throughout the tube bundle in groups

of seven or nineteen. This prevents misalignment of the tubes and maintains a shear plane

across the diameter of the core.

Relative to the fuel element conditions, the rate of secondary heat generation is low

whereas the heat transfer area and heat transfer coefficientsare comparable. Therefore,

operating temperatures are but slightly above that of the coolant, and the temperature

gradient in the web is low. However, variations in coolant discharge temperatures from

adjacent fuel channels, especially at the outer radius of the core, introduce an additional

temperature gradient in the web between the holes.

Analysis of the stress within the walls of two adjacent channels at different temperatures

is approximated by assuming the ligament between the holes as a fixed plate of minimum

ligament thickness. The gradient is assumed linear and the resulting stress is approximated

by the familiar equation

E_AT

2 (l-v)

Mechanical loading on the transitionpiece results from the radial spring pressure. Two

loading conditions are considered; (1)ring loading due to the radial pressure in the bundle,

and (2)axial shear loading which develops when a group of tubes transmits a frictionload

normal to the front face of the transition piece. The ring loading is assumed to act on op-

posite sides of the transitionpiece at the criticalsection, and the shear load acts on the

criticalweb shear area. The stresses in the transitionpiece are calculated by using sim-

plifiedmodels of the actual component since exact solutions are not available because of the

complexity of the part.

4. 5. 5-3 Radial Arch Pieces

Radial arch pieces in thel4 IDreactor were aligned longitudinallyto provide an axial

cavity approximately 1.5 inches in diameter through the tube bundle for the control rod

and its support tube. Figure 4.5.5-2 shows a group of typical radial arch pieces. The in-

side diameter of the radial arch is determined by the thermal insulation around the support

tube, the radial differentialmotions of the related reactor components, and the necessary

clearances, especially relative to the control rod chain drive. The outside configuration

is determined by the number of hexagonal tubes replaced and coolant void requirements.

Several design choices are available. The cavity may be formed by simply removing a

sufficientnumber of small tubes to assure clearance with tube interlocking being relied on

to maintain the cavity. However, failure of a tube liningthe cavity might permit pieces of

the tube to become wedged against the support tube.

Another choice, a metallic arch, appears promising. It can be used to line the inside of

the cavity and provide containment of a possibly fractured ceramic tube. Mechanical loads

can be redistributed through a small deflection in a thin wall arch (D/W _ 0.95and a wall

thickness _ 30 mils have been studied). Thermal stresses in the metallic member are of

little concern, but the major drawback to the metallic arch is the currently existing tem-

perature limit of metallic materials, e.g., 2000OF for nickel based alloys. Insulation
could be removed from the metallic support tube housing the control rod, and placed around

the arch. One or two layers of unfueled cooling tubes surrounding the arch would supply
sufficient reduction in temperature. For neutron economy, the arch diameter and the Wall

thickness would be minimized, and, for maximum neutron economy, the support tube could

be eliminated and the control rod guided by the metallic arch. When the support tube serves

both as an axial support member and as a metallic arch, it is subjected to a bending load

as well as axial tension. The bending l_)ad results from the radial spring pressure forcing
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Fig. 4. 5.5 -2 - Radial arch pieces (C-23775) 

the metallic tube to conform to the general barrel  shape of the tube bundle resulting from 
the longitudinal temperature profile. This load, of course, increases with increasing core 
radius and/or increased barrelling and the adjacent fuel elements o r  reflector tubes may 
experience large crushing loads. Further, the bending s t r e s ses  in the support tube must 
be combined with the axial s t resses;  this is often an untenable situation a t  high operating 
temperatures. 

as a single hexagonal tube o r  segmented in the manner of a Roman arch, thus forming a 
tube. The segmented arch has approximately one-fourth the axial thermal s t r e s s  as that 
in the equivalent hexagonal tube. However, the reduction in thermal s t r e s s  is not totally 
realized. The segment must be unrestrained to relieve the s t ress .  But i f  enough load is 
available to eliminate thermal camber, the s t r e s ses  are the same as for  the restrained 
full length tube. The design should be optimized dimensionally such that insufficient load 
is available to remove the thermal camber. The segmented arch eliminates one of the 
major design uncertainties of the single tube arch; namely, thermal s t r e s ses  due to cir-  
cumferential temperature variations. The wall thickness is chosen to obtain the minimum 
combined thermal and mechanical s t resses .  External cooling may be preferred to internal 
cooling since the latter often adds to the arch heat arising in surrounding tubes. 

Mechanical s t r e s ses  result from the pressure load imposed by the radial springs. The 
highest s t r e s s  level is encountered when two opposite sides of the arch a r e  loaded. The 
resulting load is calculated by assuming that the maximum pressure in the tube bundle tan- 
gential direction acts on the projected a r e a  of the arch and causes a distributed pressure. 

Thermal s t resses  result f rom the temperature gradients needed to conduct secondary 
heat to the convective boundary. Two temperature gradients must be considered: (1) the 
radial temperature gradient through the thickness of the arch and (2) the circumferential 
temperature gradient around the perimeter of the arch due to non-uniform heat removal and 
the exponential decrease in the heating rate  across  the arch. These s t r e s ses  a r e  computed 
for an infinite cylinder with the same inner diameter and cross-sectional a r e a  as the arch. 
Corrections are  then applied to account for the hexagonal outer surface and finite length. 

Choosing a ceramic arch leads to a higher temperature capability. It can be made either 



.

For the infinite circular cylinder case, cooled on the outside surface, insulated on the in-

side surface, with internal heat generation, the maximum tensile stress occurs at the

outside surface of the cylinder. This thermal stress is equal in both the axial and tan-

gential directions, and is calculated by the following equation:

F
E_ q,,, [(1.05W)2] I- D 2

aS,z = 43,200 k (I- v-----_L" L132 3 - 3 (i.05w) z

D 2 . [1.05W_]

.4 (1.05W) 2 m _/[

1 1.05W z J
where

D = Inside diameter of cylinder, inches

W = Distance across fiatsof hexagon, inches

E = Modulus _)felasticity,psi

k = Thermal conductivity, Btu/hour - feet - OF

q"' = Heat generation rate, Btu/second - inches3

a = Instantaneous coefficientof thermal expansion, inch/inch - OF

H = Correction factor for the hexagonal shape

e = Correction factor for the finitelength

The

ternal

He, psi

circumferential thermal gradient results primarily from uneven cooling of the ex-

surface of the arch. The temperature gradients are approximated by:

(T - Tavg) = T O sinNO

= Modulus of elasticity, psi

= Coefficient of thermal expansion

= Poisson's ratio

= Magnitude of temperature fluctuation

The stress factor,X, is a function of the ratio of the length to the inside diameter of the

radial arch. This ratio must be optimized so as to minimize the stress. The effect of varying

the L/D ratio on the stresses arising from the circumferential temperature gradient is

evaluated using the analytical method given in reference 60. The results of an analysis of

the case where N = 12 are shown in Figure 4. 5. 5. 3

5. 5-4 CORE LINER

The design of the core liner is primarily concerned with buckling, the lowest possible

mode of failure being that having three fullsine waves since any lesser mode is fullyre-

strained by the core geometry. External pressure is taken as the maximum spring force,

increased by an oversized-liner load multiplier of 2, to which is added any pressure dif-

ferential due to coolant flow.
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where o = Stress, psi
= Stress factor

where

(T - Tav _) = Amplitude of sine wave at any point, OF

-o = Maximum amplitude of sine wave, OF

0 = Angular coordinate degrees
N = Number of temperature waves in 360 degree circumference

Radial arch stresses due to the circumferential temperature gradients are calculated by

the following equation:

a = (E._ To sinN0
\1-_, I
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Biaxial deflection of the ring depends on (1) original out-of-roundness of the liner, and 
(2) out-of-roundness of the cavity in the tube bundle. The latter is a function of the prob- 
ability of fuel tubes with outer dimensional tolerances being at certain locations. By use 
of core definition analysis, adjusted for tube s ize  and envelope tolerance, the maximum 
required deflection is calculated as previously discussed. 

The outer surface of the liner is duodecagonal in shape, and leads to large variations 
in wall c ross  section. As there is no readily available technique for the analysis of such 
a shape, calculations are based upon a circular ring of equivalent area,  and adjusted by 
empirical factors. For example, a liner of two-tier length was subjected to uniform ex- 
ternal pressure until failure occurred by buckling. The test  fixture was designed to res t r ic t  
the l iner to failure by buckling inward only, and the liner was unrestrained longitudinally. 
Buckling occurred as shown in Fig.4. 5. 5 - 4 .  The failure resulted from an effective pres- 
sure  of 285 psig, as compared to a calculated pressure to cause failure of 180 psig. 

Fig. 4.5.5-4 -Duckl ing fai lure  i n  two-tier deep  core liner test (U-38843D) 
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4.6 DESIGN DETAILS OF COMPONENTS IN THE RADIAL SUPPORI SYSIEM

The design principles of the exostructure supporth_g the core in a tube-bundle reactor
are discussed m section4.4. The material iu this section includes a

discussion of some major design paranmters, spring materials and design properties, and

other aspect_ of component design. Thel41Dreactor is used as an example, although the

design details are generally applicable to other tube bundle configurations.

Radial support through straps, belts, pneumatic actuators, encapsuled steam pillows

and other "clever" devices is excluded, and the discussion is confined to the more ver-

satile and predictable spring systems for enveloping the bundle.

4.6. 1 DESIGN PARAMETERS

The unit stresses in all components of the tube bundle are directly affected by the radial

support system. Many variables are introduced that cause numerous iterations through-

out the design cycle. It is important, therefore, that the significant design parameters

are identified and their interrelationship established early in the design. The significant

parameters include the type of support to be utilized, tube bundle deflections, materials

temperature limitations, the desired radial gap, and the autoclaving effect. Weight and

radial space limits lead to the choice of a multileaf spring with its high configuration ef-

ficiency. An important factor, however, is the relative ease of providing positive shear

ties between the shell and pressure pads. The spring assembly provides a rigid support

tangentially while maintaining radial flexibility for deflections and expansions of the tube

bundle. The problem of sliding friction inherent with key supports is largely eliminated.

4. 6. 1. 1 Type of Support

An ir.itial choice of a simple hydrostatic suspension, a pure shear suspension, or the

more complex integrated suspension is required. Specifically, the long time radial pres-

sure, XR, and the short time tangential pressure, XT, must be minimized; a minimum

unitizing pressure, Pmin, must be assured, and the deflections of the tube bundle must

be limited. The first two pressures are a function of the radial spring rate, SR, and are
readily determined as previously described. The minimum pressure is normally the radial

preload when the differential expansion, 5 is zero; this mininmm pressure (radia2 preload)

assures that the tube bundle may then be considered as a rigid body in subsequr._., (k _ign

analysis.

The shear suspension system was chosen for thel41D reactor since the choice was nec-

essary before the advantages of the integrated support were fully realized. The larger

radial pressure resulting from the large differential expansions, and low allowable deflec-

tion led to abandoning the simpler hydrostatic support.

Since the radial support structure represented about a fourth of the reactor weight (in-

cluding the pressure pads), several alternate systems were investigated. On the surface,

a more promisil_g approach was the corrugated shell. Both the springs and the cylindrical

shell were replaced by a pliable shell hugging the core bundle. Detailed analysis,

however, showed that the corrugated shell was less efficient, and weighed ap-

proximately 50 percent more when designed for the same elastic properties.

4. 6. 1. 2 Tube Bundle Deflections

To determine the required allowable deflection, the following displacements of the tube

bundle relative to the structural shell must be combined: bundle internal displacements,

tolerance allowances, peak deflection due to dyuamic loading, and the design motion due

to acceleration forces. Displacements within the bundle due to the possible use of under-

sized reflector tubes are rather intangible. Since the other internal di:_placement appear
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only as a function of the shear portion of the support forces, initial limits can be assigned

from existing test data of the three-tier mockup. The eccentricity tolerance resulting dur-

ing assembly of a five-foot diameter tube bundle and structural shell is largely determined

by the fixtures used, and economics plays a large part in setting the design allowable total

deflection. A maxinmm of 30 mils eccentricity was allowed in thel41Ddesign. If accelera-

tion forces are applied during extremely short periods of time, impact loading may result

and dynamic deflection peaking may become a design requirement. Although impact load-

ing was not considered a design requirement, clearances were provided for 1-1/2

times the normal deflection at maximum acceleration.

If the hydrostatic suspension predominates, the bundle deflection due to acceleration is

readily determined along with maximum tube pressures as previously shown. For pure

shear support, the deflection is essentially independent of radial deflections and a rather

rigid system can be designed with very small deflections. Caution, however, should be

exercised to prevent shock loads being transferred to the tube bundle.

4. 6. 1. 3 Temperature Limitations in Spring Materials

Spring temperatures must be kept below 1100 ° to 1300°F depending on the time-stress

relationships of the currently available material and severe heat removal problems may

exist. Low coolant temperatures, though desirable, may not be available, as shown by

the inlet-air total temperature and speed relationship shown in Fig 4. 6-1. For the nu-

clear ramjet missile, a radial support system other than springs is indicated for Mach

numbers higher than approximately 3.5 at sea level. Often a variation of the coolant inlet

temperature exists. In the 141Ddesign, spring off-design temperatures exceeded the long-

time design temperature by 200°F while stresses remained approximately the same. Heat-

ing rate predictions in the spring may vary widely during design. For example, the

design allowed for a range from minimum to maximum, or 0.57 to 1.75 times nominal

heating rate. Further, the calculated temperature distribution within the springs may vary

by as much as 200°F. Design conservatism may be reduced after operating experience is

gained, and the amount of coolant flow may be adjusted to their required values if provisions

are properly made in the initial design.
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4.6. 1.4 Temperature Considerations in the Structural Shell

Since allowable stresses of the metallic structural shell decrease with increasing tem-

perature, it seems desirable to keep the shell cool. A cold shell - hot core, though, re-

sults in a large differential thermal expression, 4, and it may be necessary to spell out a

minimum, as well as a maxinmin design temperature for the shell. Higher temperatures

may also have a beneficial effect in some materials by annealing out possible radiation

damage, e. g., loss of ductility. It should be remembered that the maxinmm differential

expansion, 4, may actually occur during transient conditions such as startup, mid all de-

sign points nmst be evaluated.

4. 6. 1. 5 Radial Gap

Another important parameter when choosing a radial support system is the radial gap

occupied by the system. In a nuclear ramjet missile study, the drag was decreased approxi-

mately 8 percent for a decrease of 1 inch on the radius. The reactor-shield as-

sembly weight varied approximately 3 percent per inch on the radius. In a nuclear rocket

application, however, the radial support system weight rather than radial thickmess would

probably predominate - the hydrogen tanks and vehicle overall diameter are already large.

4. 6. 1. 6 Autoclaving Pressure

In order to establish the desired amount of coolant flow through the radial-spring cooling

channels, it has been necessary to provide additional resistmme to restrict the flow. When

the resistances are placed at the exit end of the chammls, an increasingly positive external-

pressure differential is developed along the length of the tube bundle. This pressure dif-

ference exerts an autoclaving effect on the tube lmndle similar to the effect of the radial

spri_g pressure. During some operating conditions, the autoclaving pressure may become

greater than the spring pressure. (A basic assumption in this discussion is that the pres-
sure external to any individual tubular element within the bundle is equal to the pressure

within the bore of the tube. ) The use of a single gross resistance at the inlet end of the

core leads to an obvious parallel, but reverse condition.

To reduce and control the autoclaving pressure, the radial spring coolant may be orificed

after passing over each row, or stage, of springs. Thin, channel-shaped baffles may be

used to enclose the spring and provide a means of orificing. When prope r orificing is pro-

vided, the pressure profile through the spring region nearly matches the pressure profile

through the reactor core and autoclaving effect on the fuel elements is mininlized or elim-

inated.

4. 6. _- SPRING DESIGN

4. 6. _.. 1 Materials Considerations

A spring is a mechanical device for storing energy. To achieve minimum weight, the

material not only should be effectively utilized but also capable of carrying a sustained

high stress. Using currently available materials, however, a temperature environment

above approximately .q00°F causes lowering of certain material properties such as

yield point and modulus of elasticity. Furthermore, the maximum operating temperatures

are limited to prevent metallurgical changes such as exceeding the aging temperature in

a precipitation hardening material At times stability may be improved by initial over-

aging, higher than normal aging temperature, although other desirable properties such as

yield strength may decrease.

The most significant limiting phenomenon in high temperature spring design is relaxa-

tion, 1. e., reduction of load with time under conditions of constant deflection. Relaxation

normally is considered as a combination of plastic and anelastic strain. The former is a

permanent change in shape resulting from deformation above the elastic limit, and it is
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not recoverable upon load removal. The anelastic strain is defined as a change in shape

resulting from tinm-dependent deformation, and may be recoverable with time if the load

is removed while at temperature. Since tube bundle design cannot permit spring unload-

ing cycles, any load recovery due to the recovery of anelastic strain is ignored as a de-
sign consideration.

One of the best currently available spring materials for high-temperature stability is

Rene' 41. Extensive relaxation tests have been run in the range of 900 ° to 1200°F and

70, 000 psi to 100, 000 psi stress. Results of 100- and 1000-hour tests are shown in Figure
4.0-z. The percent relaxation indicated is the loss in load-carrying ability of the material.

As shown by the data in this figure, relaxation can be reduced by heating the spring, prior

to use in the assembly, at a load and temperature slightly exceeding the operating condi-

tions. This heat treatment greatly reduces the initial high relaxation rate normally apparent

in the first few hours of service. At GE-ANPD, it is accomplished by preloading to 10 per-

cent above operating stress at a temperature 10 percent above operating.
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Fig. 4.6-2 -Spring relaxation as a function of time and temperature for Rene" 41 material

1000

The spring design is further complicated by radiation damage. Little is known on the

subject, especially concerning precipitation-hardenable materials. Ductility and rupture
strength may be greatly decreased and the yield point increased. Presumably, relaxation

rates would be less under the same time-temperature-stress conditions for irradiated

springs compared to unirradiated. Reference 64 describes in-pile tests conducted in early

1962 on Rene' 41 samples. For a fast flux of 1019 nvt and 1200°F, the 100-hour material

rupture strength apparently was reduced 20 percent. Unirradiated control specimens ex-

hibited approximately 107,000 psi rupture strength and irradiated specimens exhibited ap-

proximately 87,000 psi. Ductility was reduced to between 1 and 2 percent after irradiation,
compared to between 6 and 12 percent before irradiation.

150



From the previous discussion, it is apparent that spring failure may occur, not as de-

creased load on the tube bundle which might be tolerated, but as broken springs, a nmch

more hazardous type of failure.

4.6. Z. 2 Effective Utilization of Material in Springs

In many cases it is desirable to estimate quickly the amount of material that must be

put into a spring for given requirements of spring rate and maximum spring force. The

parameters involved are the maximum allowable stress, cross section, and configuration

of the spring. This section ties the parameters together properly so as to permit quick

estimates of material required for springs of various shapes, even before specific designs
and design calculations are made.{ 15)

The

P

Pmax
d

C1

C2
M

Mmax

a

o- c

amax
T

T c

rg
Tmax

A

r

L

V

Vmin
E

G

P

¢1

¢2
¢
K

following nomenclature is used in the subsequent formulae:

Applied load carried by the tension or compression spring

Maximum load to be carried by tension or compression spring

Maximum deflection to be obtained from tension or compression spring
Spring rate of tension or compression spring

Spring rate of torsion spring

Applied torque carried by the torsion spring

Maximum torque to be carried by torsion spring

Twist obtained from torsion spring
Normal stress

Extreme fiber stress of cross section

Greatest normal stress anywhere in spring
Maximum allowable normal stress

Shear stress

Maximum shear stress of cross-section

Greatest shear stress anywhere in spring
Maximum allowable shear stress

Cross sectional area of spring

Radius of gyration of spring cross section

Length of spring (in case of a helix, to be measured along the helix, i.e., active

length of wire)

Volume of material in active portion of spring

Minimum volumes required

Young' s modulus
Shear modulus

Poisson' s Ratio

Cross-sectional efficiency of spring

Configuration efficiency of spring

Overall material utilization factor of spring

Wahl' s correction factor for stress concentration in helical springs.

The stored external energy in extension and compression springs is given by the follow-

ing equation:

d p2

Pmax_- 2C 1 (1)

For torsion springs, the equation is as follows:

- M2ax (2}
Mmax 2 2C2
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The stored internal strain energy of a spring is equal to

fv a2dV CVa2ma x
= _-_ (3)

0

for springs where the cross section is loaded in tension, compression, or bending;

and

fv CV72ma xT2dV
- C4)

0 2G 2G

for springs where the cross section is loaded in torsion.

The stored external energy must equal the stored internal strain energy; hence one of

the following equations applies:

C 1 E

P2ax _ CV72ma x

C1 G

M2max _ CVCr2max

C2 E

M2max _ CVT2max

C2 G

The overall material efficiency of a spring is defined as follows:

(5)

¢ = ¢1 _2 • (6)

In establishing ¢1 and ¢2, it is assumed that in at least at one point of the spring the max-
imum allowable stress is reached and that this stress is nowhere exceeded.

The cross-sectional efficiency of springs loaded in tension, compression, or bending

is equal to

1 A

¢1 =_ of _2aA, (_a)

and, for torsion,

1 A

_I=_ of _2dA. (Tb)

It should be noted that _1 = 1 if the stress is constant over the entire cross section. Table

4.6-'1 shows _1 for various cross sections. When cross sections are loaded in torsion,

¢1 is shown for the case where Tma x is prescribed, and for three specific ratios of Vmax/

<;max where ama x is prescribed.
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TABLE 4.6-1

CROSS-SECTIONAL EFFICIENCY OF SPRINGS, @1

Loaded In Loaded
Cross Section And Tension Or In

Comments Compression Bendinga

Loaded In Torsion

Vmax _max Is Prescribed,

Is P = 0.28, and Vmax/amax =
Prescribed 0. 625 0. 577 0. 500

General Case 1 (r/c)2

-_ Rectangle 1 0.333

-_ Square 1 0.333 "

O Thin-wall circle 1 0.500

O Fullcircle I 0.250

0_307 0.307 0.262 0.197

1.000 1.000 0.852 0.640

0.500 0.500 0.426 0.320

ar = radius of gyration; c = distancefrom neutralaxis to extreme fiber.

The configuration efficiency of a spring is defined as

1 1 L rc2
¢2 - La2o x 0/L ac2 dL or LT---_m._x 0f dL. (8)

It should be noted that _2 = 1 if a c = araax or v c = rm__ all along the spring. Table 4.0-2

shows ¢2 for several spring configurations.

With _ established, the volume of material required for the spring can be calculated

from the applicable Equation (5), as shown in the following equations:

V = P2max E
_2" C1 ¢
max

p2 G

V = -_2lll-a2LCl_1---y
max

M 2
V __ ,,max E

a2 C2¢
max

ra2
V = _ C2 ¢

max

(9)

As an example, assume that a cantilever beam is to be used as a spring to satisfy the

following conditions:

Pmax = 1000 pounds

C 1 = 2000 pounds per inch

OmaX = 50,000 psi
E = 25 x 106 psi.

The first line of Equation (9) applies. The cross-sectional efficiency, _1, for a beam with

rectangular cross section is 0.333, Table4.6-1; for uniform cross section, the config-
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TABLE 4.6-2

CONFIGURATION EFFICIENCY OF SPRINGS, _2

Configurations and Comments _2

,(
t

• oo'o'ooooooooooo

Prism in tension or compression 1

Prism in pure bending a 1

Prism in torsion 1

Prism as cantilever a 0. 333 d

Uniform s'_ress cantilever a 1

Multi-leaf spring a -_ 1

Helix as tension or compression

springa, b 1/K 2

Helix as torsion spring 1

Sine Wave

Various corrugated narrow

strips a. c

Formuias at right take only

bending stresses into account.

Approximate correction factor

for direct stross is [3h/(3h+t)] 2

0.333

h÷ 3c

3(h+ e)

h+ 1.5c

3(h+ c)

aIn the case of wide sections in relation to thickness, use E/(1-v 2)

instead of E in Equations 3, 5, and 9.

bK is Wahi's Correction Factor for helical springs, or applicable

portion thereof.

CDo not apply in the case of curvature out of plane, e.g., bellows.

dThe value of _b2 = 0.333 for a prism as cantilever applies also to

prisms in other types of bending, providing the extreme fiber stress

varies uniformly along the length, from zero to maximum or from

maximum negative to a numerically equal maximum positive stress.

uration efficiency ¢2 is also 0.333, Table4.6-2. Hence, the overall material efficiency
¢ is (0.333). (0.333)= 0.111 = 1/9, and

(1_ 000) 2 25,000,000
V : (50,000) 2 2_6 - -_.H-1 = 45 inches 3 •

The ideal case of g = 1, i.e., where all material is stressed to amax under the load P,
is found in a rod or tube in tension or compression. Unfortunately, other design aonsid-

erations usually preclude this type of spring because of the great length required to obtain
a reasonable spring rate. In the case of a compression spring, stability (buckling) must
also be considered. In the case of a tension spring, some gain is possible through tele-
scoping tubes; with fairly close fits, the stability of compression tubes should not be a

problem. A thin-wall tube in torsion also gives favorable material utilization, but again
space and buckling considerations impose serious limitations.

A helix used as a tension or compression Spring has a material utilization factor of _d_=

0.5 for a solid round cross section, Wahl factor neglected, and 7max/ama x = 0. 625. If a
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helix were made lrom a thin-wall tube, the material utilization factor would approach

unity. A helix used as torsion spring has a material utilization factor equal to one-half

that of a similar helix used as a tension or compression spring.

The overall material efficiencies of given springs are calculated by means of the follow-

tug equations:

z_
= _m_ ClV

max

G
¢ = 72P2max Clv

max

M2max E

= T-_-- c2v
max

-Vmin (10)
V

For Rny _Alne_r o_.4._ ,,_ ^_, _ ec_IC4ciencyvf material utilizationc_n be obta_ed for a given

load P or M (not necessarily the maximum) ifthe greatest stress _g or rg in the spring
and the spring deflection are known. The spring volume then can be established. For this

case, P or M are substituted for Pmax and Mmax, respectively; and _max or Vma x are

replaced by _g and Vg, respectively. C 1 and C 2 are calculated from Equations (1) and (2),-

respectively. In this case,

p2 E

¢ = or--T CIV

M2 E

_ = _--_c_.v
g

(11)

M 2 E

=-TF c_.v
g

As an example, assume that a circular ring of mean radius R, wall thickness t, and width

w, is loaded by two diametrically opposite loads P. The spring volume is 2_Rtw, its

greatest bending moment 0.3183 PR, and its deflection 0.149 pR3/IE. The spring rate is
as follows:

IE wt3E

C1 - 0. 149R 3 - 1.788R 3

The greatest stress is as follows:

6 x O. 3183PR _ !- 9098PR
Crg- wt 2 _ wt 2



The first line of Equation (11) applies, and the overall efficiency of material utilization is
as follows:

p2 w2t 4 1.788 R3E

¢= 1.90982p2R 2 x wt3E 2_rtw
= 0.0780 .

The poor efficiency of material utilization in a ring used as a spring results from the

moderate cross-sectional efficiency and the combined low configuration efficiency, i.e.,

zero bending moment.

4. 6. Z. 3 Design Details of Leaf Springs

The initial step in determining the design details of a leaf-spring system to be used in

the radial support structure is shown in Figure4.6-3a.A linear spring rate is assumed.

After fixing the values of the radial spring rate, (SR) , the minimum radial pressure (Pmin),

the design differential expansion (_), and the allowable deflection (Sa) , the abscissa of Fig-

ure4.6-3a are established. The ordinates are established by the method of construction

shown. The radial pressure distribution around the tube bundle is shown schematically to

the right in Figure4. 6-3a; values are fixed by the design data as previously shown in Fig-

ure4.4-3. Having chosen the material and its allowable stresses, the stress-deflection

curve is drawn as shown in Figure 4. 6- 3b.

The allowable material stresses used to derive Figure4.6-3b are probably selected as
follows:

Stress Allowable Load Application

aa (psi) long time (n = 1)

ab short time (n = no)

ac short time (n = no)

_d short time (n = no)

Critica!

10% relaxation stress

0.2% yield minus 2 standard deviations

Stress for rupture at temperature in
1000 hours

Stress for rupture in 1000 hours at

temperature and integrated lifetime
fast neutron flux

These points are plotted on the appropriate deflection line (i. e., n = 1 or n = no). For the

linear spring rate, a line connecting the origin to the lowest allowable stress value des-

cribes the desired spring characteristics. Preliminary data of this type are useful to the

designer in the early design iteration stages, especially if hydrostatic suspension is being
used.

The second step is to complete the configuration and material choice as previously dis-

cussed. Additional considerations, of course, may be encountered peculiar to a particular

reactor and its application.

After completion of the above two preliminary steps in the detailed design, it is neces-

sary to compute the values of the three directional loads applied to the spring and their re-
sultant stresses. Figure4.6-4 shows the direction of these loads (radial, tangential, and

axial), and defines the nomenclature used for the analysis. The inner and outer sets of

leaves are assumed to be symmetrical and to exhibit comparable loading characteristics. For

cases of nonsymmetry, the design merely requires that the proper parameters be inserted

in the general formulae.
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• I PRADIAL

LOAD I 2

SHELL

TANGENTIAL LOAD

LOAD I _ " LI ,I (Perpendicularplaneshown) to

NOMENCLATURE

P = Radial spring load

E _ Modulus of elasticity at design temperature

8TC - Total radial spring deflection

oR - Bending stress due to rodiol deflection

N - Number of leaves

h _ Leaf thickness

b - Spring width

L _ Effective length

o = Subscript, outer spring set

i _ Subscript, inner spring set

N _ Spring gap

Fig. 4.6-4 - Leaf spring loads and nomenclature

Radial Loads

Since the two sets of springs are assumed to be symmetrical,

ST1 = 5o + 8 i

3PL 3 3PL 3
- 3 + 3

8Eb N O l_ 8Eb N i h i

Stresses in the leaves of the springs are as follows. For the outer spring,

4E 50 ho

_Ro - Lo2

and, in the inner spring,

4E 5 i hi

_Ri - Li2

Tangential Loads

Tangential loads are encountered as the springs tend to resist bundle movement during

accelerational loads. In a hydrostatic system_ this is a function of the friction at the ends

of the spring as well as its lateral stiffness, as previously shown in Figure4.4-2. In a

shear s_stem, the load is guaranteed by shear ties or keys, and the load can be calculated,

knowing the shear flow to the periphery. These loads are found by means of virtual-work

solutions of the redundant reactions between the springs and their loading points. A typical

set of formulae is shown in reference 3 . It should be noted that the spring stresses are

reduced proportionally with reductions in the distorting couple caused by the product of

the tangential load and the spring gap. Accordingly, optimizing the spring design is favored

by minimizing the radial gap.

Axial Loads

The tube bundle shifts in an axial direction relative to the shell to accommodate axial

thermal expansions in the tube bundle and/or the supporting structures. These movements

are resisted by an axial friction load on the springs, the magnitude of which is determined

by the radial pressure and the frictional coefficient. The resultant twisting of the springs

may be significant and should be evaluated. For a leaf spring, the friction force on the leaf

produces a tipping moment. The latter ,s carried by a combination of differential bending

and torsion in the leaves, and a 10-percent increase in the radial l)ending stress may be
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typical. Since the moment arm is again the radial gap, the latter should

be kept small. A wider spring (measured axially} also reduces the

stresses due to axial forces. A reduction in the frictional coefficient is

another obvious solution, but difficult to achieve.

4.6.5 Structural Shell

The outer shell acts to confine the radial support system and the tube

bundle. Although the shell can serve as the primary pressure shell, the

GE-A/_IP ceramic systems provided ;_ _rate shells, thus facilitating

remote separation of the reactor from the turbomachiner 7. The r :;ctor

structural shell was cantilevered from the forward or cool end. The

mechanical stresses in a shell this size never seem to present major

problems since the moment of inertia is sufficiently large to carry the

reactor loads with ample margins of safety. Normal shell design can be

applied.
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Compressive buckling, bending buckling, shear buckling, and external pressure buck-

ling should be investigatedduring the stabilitystudy. Since most of the information relative

to cylindrical buckling is empirical and based on test results, and also since information

is not available on the buckling of perforated cylinders, a program of model testing to verify

the use of Horvay's analysis applied to cylinders is desirable.

The overall weight of the shell may be reduced by using internal stiffeningrings. The

primary requirement which indicated the use of the stiffeningrings inthe 140E design was

the external pressure load. At certain operating conditions the pressure outside the shell

was approximately 40 psi greater than the pressure inside the shell near the aft end. The

minimum thickness of a plain cylinder which would remain stable against the external pres-

sure was 0.245 inch. The ribbed shell w_'s 0.125 inch thick and had buckling stabilitydur-

ing pressure differentialsup to 90 psi.

4. 6.4 PRESSURE PADS

Pressure pads are used to distribute the concentrated loads from the radial springs uni-

formly around the ceramic bundle. Primary loads in the pads are the compression load of

the springs and a bending caused by the axial temperature profile in the tube bundle. The

loads are not large and the pad is not considered a critical component unless further severe

requirements are imposed.

4. 6. 5 SPRING RETRACTORS AND ADJUSTORS

A means of spring retraction is useful to permit clearance between the radial spring

system and the tube bundle during initial assembly; the retractors may again be employed

at final remote teardown to release the spring loads in desired increments. They can be

designed to provide a window in the shell through which net growth or reduction in the tube

bundle diameter may be measured remctely in a hot shop without reactor" disassembly. A

screwlike device with a built-in locknut is perhaps the most reliable device.

The adjustors are used to compensate for tolerances and variations in the tube bundle and

structural shell dimensions, thereby reducing the value of the design A. Adjustors are al-

most mandatory with a hydrostatic suspension since the relatively large radial spring rate

is necessarily accompanied by a very short spring travel from minimum pressure to free

height. In a pure shear suspension system the adjustors can often be eliminated because

of the low radial spring rate.

4. 7 DESIGNDETAILSOF COMPONENTSIN THE AXIAL SUPPORTSYSIEM

4. 7. 1 SIGNIFICANT DESIGN PARAMETERS

Frictional drag of the coolant on the walls of the channels within the many tubes consti-

tuting the tube bundle appears as an axial force transmitted to the axial support system.

Additional aerodynamic loads due to the differential static pressures acting on the front

and rear of the tube bundle also appear as an axial force on the axial support system. In-

ertial loading is treated as an axial pressure equal to the product of the mass and its accel-

eration, and uniformly distributed over the tube bundle cross-sectional area.

Differential thermal expansion causes differences in total axial expansion at different

radii. As the individual pieces move axially with respect to each other, friction is created

and causes redistribution of axial forces. This is especially apparent at the interface be-

tween the core and the outer reflector where the reflector temperature changes lag those

in the fuel tubes during transients. Peripheral friction opposes relative axial motmn be-

tween the tube bundle and the radial supp¢)rt springs, especially during t,'ansient c(mditions,
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andthereactionof this frictional force appears in the axial support system. It is evident,
from this standpoint, that frictional forces should be minimized and that a low radial com-

pressive spring force should be used.

Thermal stresses due to the radial temperature profile of the coolant discharge are of

extreme importance, and should be carefully analyzed early in the design. The high tem-

peratures associated with a ceramic reactor normally preclude the use of the familiar tube

sheet for axial support. High oxidation rates and low tensile properties of the available

materials, together with high thermal stresses, are not compatible with high loadings on
the plate.

Three types of axial supporting structures are discussed below, as follows:

1. Modified tube-sheet designs wherein the tube sheet is divided into sectors and is

internally cooled

2. Small retainer plates individually supported by axial tension rods

3. Dome, or Roman arch, structures in compression

4. 7. Z MODIFIED TUBE SHEET

4. 7.2. 1 Description

This type was used as the aft-retainer assembly in one reactor. It provided longi-
_..n_n_l support _* _ tube h.._m .... _._ .... ., .... ,- ._ • ..... c ,_,,^_ aft_-,.....,. ,,. ,.._ v,.,,_ o.s,,...o, ,*_._,,2,,,*m,_ u,,_ ,_,,,.==, ,r,_,,v.,, and accel-

eration loads. The assembly consisted of 12 independent 30-degree sectors that were simply

supported at the inside radius by the shaft tunnel, and near the perimeter by the rear shield

outer section. Individual sectors rather than a continuous plate were chosen for (1) com-

patibility with available brazing furnaces, and (2) reducing thermal stresses in the structui'e.

The assembly was a sandwich-type tube sheet having two parallel plates separated by

tubes that served the dual purpose of providing shear ties for the plates and passages
through the tube inside diameters for tube-bundle discharge coolant. An artist's view of a

sector complete with components is shown in Figure 4. 7 . Figures 4. 7-2
the aft-retainer assembly layout.

Sectors of the assembly were supported and oriented as indicated below:

Location Relative Motion Method

Center Rotation Keying sector to center hub, and
keying center hub to liner

Radial Pin-type connection between hub and sector, and
hub slides inside liner

Perimeter

Inertial

Rotation and dis-

placement due to
inertia

Supported by liner

Supported in shear by springs and structural
shell

Radial Radial springs allow differential thermal ex-

pansion

The mean temperature of the aft-retainer sectors was controlled by coolant flowing

radially inward between the side plates and over the structural tubes. Each of the 12 sectors

was a sealed, self-contained unit obtaining its coolant from annular external duct and dis-

charging the coolant at the center hub. Thin 0.010-inch foil, welded along radial edges of

each sector, provided a seal for the coolant. Two retractable bellows assemblies per
sector formed cooling passages from the external duct to the perimeter of the retainer
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Fig. 4. 7 -1 -Sector of ' aft-retainer assembly (Neg. DI-533) 

sectors  and permitted differential motion between the structural shell and the retainer. 
A remotely adjustable orifice in each bellows assembly was located just outside the struc- 
tural shell and regulated the amount of coolant flowing into the sectors. 

The outer reactions of the aft-retainer sectors  were transmitted to the r e a r  shield outer 
section through free-swiveling linkages of ball-and-socket design. These linkages permitted 
radial and tangential differential motion between the rear shield and retainer sec tors  to 
allow for differential thermal expansion as well as reactor deflection from inertial loads. 
Four linkages per sector were located on a chord perpendicular to the center radius to 
match closely the expected sector deflection, although the worst-case loading assumed that 
two of these linkages carr ied the entire sector load. Discharge coolant from the control 
rod guide tubes maintained the linkage below 12000F, the design temperature. 

All components of the aft-retainer assembly were remotely removable for maintenance 
following nuclear operation. Handling lugs and data instrumentation lead disconnects were 
provided. 
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4.7. Z. Z Methods of Analysis

Each sector is treated analytically as a radial beam simply supported with its outer end

overhanging its support. The location of the inner support at the tunnel is dictated primarily

by the tunnel and liner diameters. The outer support is located to obtain approximately

equal stresses due to positive and negative beam moments.

For purposes of gross analysis all stresses are assumed constant about any circumfer-

ential section and vary only with radius and loading. The structure is assumed to approach

a sandwich concept having continuous shear ties. Secondary bending of the plate induced by

the shear ties is negligible because the large tubes are located on close centers. Calcula-

tions assume that the plate supports all bending stresses.

To obtain maximum calculated stresses in the perforated plate, a stress concentration
factor of seven is used to allow for loss of material as well as the stress concentration at

the holes. This factor is conservative when compared with perforated-plate stress enlarge-

ment factors presented in reference 1. An experimental stress analysis

study, performed by GE-ANPD, also shows that the assumed
factor of seven is conservative. Fig,4.7-4 shows the stress enlargement factor plotted

against the ligament efficiency as derived from the experimental program.

The total loading is a function of (1) relative deflections of the supports for the aft-retainer

sectors caused by thermal expansion, (2) pressure drop through the tube bundle, (3) inertial

loads on the tube bundle, and (4) friction within the tube bundle during deformation. The

internal friction varies with the radial pressure on the tube bundle and the coefficient of

friction. Analyses of a number of cases are necessary to determine maximum loads and

most severe load distributions on the retainer sectors, on the inner support (tunnel), and

on the cuter support (rear shield). Load cases are selected that were physically possible,

and other cases are analyzed for design changes that might relieve loading conditions. The
most severe load conditions are established, and the various components are analyzed for

these conditions.

An overall "worst-case" condition then is developed for the mechanical design of the sectors.

The reasonings and assumptions used to derive the worst case are shown in Figure 4.7- 5

and explained as follows.

Experimental evidence from hot-airflow tests in the three-tier mockup indicated that the
tube bundle moves in concentric rings when it deforms under load. For a given radial spring

pressure (Po), coefficient of friction (_), and length of core (L), the frictional load as any
radius may be as follows (Figure4. 7-5a):

F = 2nrL Y-Po (1)

For convenience, the pressure drop through the core and the aft inertial load are treated

as an equivalent pressure acting on the aft surface of the core. (An aft inertia load of 1 G

is equivalent to 3.54 psi pressur e on the aft-retainer assembly. ) The shear at any radius

was equal to the air load on the area inside of that radius, as given by

V = _Po(r2 - r2) (2)

The maximum shear occurs at the outer radius of the tube bundle so that, as the air load

increases, the entire tube bundle moves against the retainer sectors, as shown in Figure

4. 7-5b. The inner support is assumed to have deflected aftward away from the retainer.

Ifthe air load on the tube bundle (now rigidlysupported at the outer support) is further

increased, successive slip rings are developed in the bundle as radii are reached wherein

shear-and frictionforces are equal, Figure4. 7-5c. The retainer then acts as a cantilever

fixed at the outer support and loaded as shown in Figure4. 7-5d. The frictionat the out-

side radius of the tube bundle and the air load on the bundle outside of the outer support
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Fig. 4.7-4 -Stress enlargement factor for maximum stress in aperforated
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serve to keeptheretainer sectorsin equilibrium. This loadingconditionis theninvesti-
gatedfor severalair loads(longandshort time), andfor theeffectsof varyingtheradial
pressure.

After theconditionshownin Fig.4.7-5d is reached,the innersupportis assumedto
moveforwardagain(dueto changesin temperature)andforcestheretainer againstthe
deflectedshapeof thecore, Fig.4. 7-5e . Theliner is assumedto beforward againstits
stopsothatfriction to resist m_tionof thecore is developedonboththeinsideandoutside
radii. Initially, thesectorstouchthetubebundleanddevelopa concentratedloadequalto
twicethefrictional load on a single row of tubes, Fig. 4. 7-5f . As the inner support con-

tinues to force the sectors forward, successive slip rings develop in the tube bundle as

shown in Fig.4. 7-5g. The outer support deflects sufficiently to keep the sectors from

picking up a balancing moment from the core and becoming a simple support. The limiting

load case is shown in Fig. 4. 7-5h wherein the sector is loaded by a concentrated load

of 2 V s plus a distributed load applied between the area of 2 V s and the outer support. Again,

this condition is examined for (1) varying positions of the concentrated loads, (2) several

air loads, and (3) the effect of varying radial pressure.

The structural integrity of the retainer sector is dependent on the stress-rupture strength

of the structural material; accordingly, the total life is calculated for a composite mission.

Considering the design, a maximum hot spot temperature was assumed to

exist over the entire life of the component, and occurred at a hot channel whose radial

position was unknown and whose width could extend over an entire circumference. Since

a maximum possible loading condition on the retainer also occurred as a ring load, the

locations of maximum stresses and temperatures could have been coincident. The maximum

loads were combined with the appropriate maximum temperatures and time deviations to

produce the equivalent life for a particular portion of the operating profile. A summation

of these equivalent life spans then was compared with material properties for compatibility.

Several operating conditions were lumped together for ease in design. These conditions

represented a worst-case operating condition as shown below.

Retainer Time At Equivalent Life Allowable Percent Of

Condition Loading, psi Load, hr Versus Condition 1 Stress, psi Equivalent Life

1 12 905 905.0 9,000 12.8

2 35 0.1 31.8 26,300 0.5

3 27 75 5,900.0 20,200 83.4

4 19 20 237.0 14,250 3.3

Totals 1,000.1 7,073.8 100.0

When calculating tube stresses, the small change in shear across the diameter of the

tube ends is neglected. The shear stress in the brazed joints is considered to be distributed

the same as that due to tube bending. In addition, a factor of two is applied to the braze

stress to cover the uncertainty of braze penetration at the worst location.

4.7.2. 3 Thermal Insulation

Thermal insulation is used to isolate the retainer sectors from their surrounding sources

of heat. The insulation consists of (1) a zirconia spacer on the forward face, (2) an insulat-

ing tube within the structural tubes, and (3) a Ther,noflex blanket on the aft surface. The

hexagonal-shaped zirconia spacer also transmits compressive forces from the tube bundle

transition pieces to the aft-retainer assembly. A shoulder on the zirconia spacer rests in
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a countersunk hole on the face of the retainer sectors, and resists frictional loads arising
from differential thermal expansions of the tube bundle and the retainer sectors.

The insulating tube is a self-contained unit made from a tube of high density insulation
(24 lbs! ft 3 Johns Manville Company Thermoflex) sandwiched between two metallic foils.

The inner foil is a 0.008-inch seamless tube while the cover sheet is a 0.002-inch foil

wrapped around the outer surface of the insulation. Aft drag loads on the tubes are trans-

mitted by a forward ring welded to the sheathing foils. The resultant load on the tubes is

less than 1 pound per tube. Several 0.03-inch diameter holes are provided in the inner and

outer sheaths to prevent external collapsing air-pressure l()_.ds as might occur during a
sudden depressurization caused by an engine stall or scram.

Those tubes carrying core discharge-air are made of palladium - 10 percent rhodium

with an outer foil of palladium. Tubes used in the outer reflector region are exposed to
relatively lower temperatures (<2000OF) and are made from Inco 702.

Insulation on the aft face of the retainer is fabricated from a 0. 10-inch thick blanket of

high density Thermoflex and a 0. 025-inch cover sheet made of Inco 702. Each sector has

five sections of insulation with overlapping edges on its back surface, and held in position

by cylindrical clips welded to the protruding structural tubes. Vent holes are provided in
the cover sheet to allow for sudden depressurization. Inco 702 is used as the cover material
since the design temperature was below 20000F and tests have indicated

that a 0.02-inch thick foil of !nco 702 operates at least 1000 hours .__'thout detrimental

oxidation if kept below 2000OF.

Design details of the insulation are contained in reference 68.

4. 7. 3 SMALL RETAINER PLATES INDI_rIDUALLY SUPPORTED BY AXIAL TENSION RGDS

4. 7. 3-1 Description

A support structure of small retainer plates axially restrained by tension tubes that

pierce the tube bundle has been successfully demonstrated. The principal components of

the system are the retainer plates, the support tubes, the support tube aft flanges, and the

support tube forward extensions. The arrangement of the parts is shown in Figure 4. 7-7.

The tube bundle region shown in

Figure4. 7-7shows a typical cartridge formed b) cementing together the individual tubes

associated with each retainer plate for ease of handling during assembly. Prior to final

reactor assembly, the cement is burned out and the radial support system maintains the

tube b_ndle integrity.

The primary objective of this method of axial support is to resist axial deformations of

the tube bundle by providing a uniform reaction at the aft face of the tube bundle through

all operating conditions. At initial reactor startup, the axial pressure forces are resisted

by frictional forces from the radial support system, and no aft movement occurs. The tube

bundle axial thermal growth, relative to the structural shell, centers around its midpoint.

The support tubes are normally unloaded as they approach their design temperatures due

to their higher coefficient of thermal expansion relative to the ceramic tube bundle. The

total pressure force is proportional to the radius squared and frictional resistanceto tube

bundle movement is a function of the first power of the radius (as previously shown). Thus,

the tube bundle must slip aftward at its outer radius until the retainer plates and support
tubes take up the load. If no friction existed in the tube bundle, each support tube would

support the uniform pressure load ahead of its retainer plate. High frictional forces be-

tween tubes, resuiting from the radial pressure, however, cause bundles of many tubes

to act as a unit. Since each support tube assumes a slightly different length, a redundant

axial structure exists wherein the stresses in each tube are dependent on its deflection.
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Further changes in the incremental lengths of the support tubes may be caused by manu-

Lacturing tolerances and temperature profiles through the tube bundle.

During engineering tests, typicalmaximum mismatched strains for Inconel X support

tubes were approximately 0.12 percent. An initiallyshort tube will stretch to the maximum

mismatched strain before the bulk of the tension tubes begin sharing the load. ISthe tube

bundle remains undistorted, the short tube will continue to deflect untilits totalstrain in-

cludes the deflection aftward of the tube bundle due to the spring rate of the integrated

support system. The additionalstrain on the short tube can be estimated from the allowable

stress in the average guide tube divided by the modulus of tensileelasticityof the metal at

operating temperature. Any plastic strain occurring in the average loaded support tube

would permit further bundle movement and consequently add to the totalstrain in the short

tube. Thus, the tensileunit stress in the shortest, and probably coolest, support tube can

be found by multiplying the totalstrain by the modulus of elasticity.The short support tube,

having a deflectionlimit, experiences a decrease in load and stress as the plastic strain

increases and cycling of the pressure load will not change this condition. The assumption

is made, of course, that the frictionalforce does not approach zero due to vibrational ex-

citation- numerous vibration tests at GE-ANPD have validated this assumption.

However, the load resulting from the mismatched strain in the short tube will usually

be capable of distortingthe ait Lace of the tube bundle with a hexagonal column of tubes the

size of the hexagonal plate being displaced forward the distance of the initialmismatch.

Conseque_n_t!y, th_ ln_d in th_ ._hnrt h,h_ _ ,-,_,,_,_ f,_ _q,,_l the ¢,._,.,_t _........... _..

the hexagonal Column from further movement. This frictional force equals the column

surface area times the pressure loading on this surface times the actual coefficientof

friction.

A load-rellel device may conveniently be placed in series with the support tube to prevent

axial distortionof the tube bundle to assure almost equal loads on all retainer plates to

equalize the loads and unit stresses among the support tubes, and to reduce the maximum

stress. The force device used at GE-ANPD has been a preloaded spring which begins de-

flecting when the support tube force exceeds the preload value. Its spring constant, compared

to the support tube, is low and the deflectioncauses a slightbut controllable increase in

load. The preload is normally set by dividing the totalalt force by the number of supporting

tubes. As a minimum, the totalpreload on the tube bundle must exceed the side restraint

imposed by the peripheral frictionto assure a return of the bundle to its original position

during reactor shutdown.

4.7. 3.2 Methods of Analysis

Mechanical bending stresses in the retainer plates are approximated by applying a uni-

form lead on its face that is resisted at the center of the plate by the support tube flange.

Using the nomenclature shown in Fig.4.7-%

pR2 1
_mech = 0 t2 7/

where
.,

P = unit pressure

t = thickness of plate adjacent to center hole

71= ligament factor, S - D
S

8 = stress constant shown in Figure 4.7- I0

A more rigorous solution may be used to calculate the theoretical mechanical stresses

by dividing the plate into several concentric rings, calculating the rotation of each ring

due to moments, loading, and applied loads, and then equating the rotations at each boundary.

Having done this, there are n simultaneous equations in n unknowns to be solved, wherein
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Note:
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at the center of the J

plate . j _.

Fig. 4.7-9-Nomenclature for small retainer plate stress analysis

Fig.
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4.7-10 - Stress constant used for calculating bend-

ing stresses in a small retainer plate



Fine Temperature Gradients

This temperature gradient is manifested by a depression in temperature at the center

of the plate due to the cooler support tube flange. Theoretical thermal stresses are calcu-

lated uaing Computer Program 311, "Thermal Stresses in a Hollow or Solid Disc." The

_olutton requires that two computer runs be made, one for the inner solid portion of the

plate and the other for the outer perforated area, as required to satisfy the input data re-

quirements of the program for material properties. These two solutions are then super-

imposed, with certain refinements, to obtain a complete solution.

4. 7. 3. 3 Results of Full Scale Mockup Tests

Both axial static pressure tests and gas dynamics tests were conducted on a three-tier

mockup in which the tube bundle was 56 inches in diameter and 14.5 inches long; Figure

4. 7-8 shows the retainer plate pattern used in the mockup. The static tests simulated air

drag loads on the tube bundle by application of hydrostatic pressure on a neoprene diaphram

on the forward face of the tube bundle with the load being absorbed by retainer plates

supported from the rear by support columns.

Some conclusions reached as a result of these tests are as follows:

1. The preload in the longitudinal force device should be large enough to prevent gross
movement under maximum loads.

2. Retainer plate loads should be absorbed by support tubes placed at the center of pres-

sure of the plate. Eccer_tric loadings wi!l produce a moment which may cause axial

displacement of tubes.

3. The tube bundle slips aft as a unit and returns to its initial position. The average

coefficient of friction is 0.3 at the t_me of slip at the periphery of the tube bundle.
4. The core acts as a unit and continues to function even with the loss of several retainer

plates. During the course of testing, up to 19 of the core plates were backed off with-

out disturbing the bundle integrity. Friction distributed the aft load to the remainder

of the plates and the aft face remained plane. It should be noted, however, that a few

loose reflector tubes might be lost with the loss of a retainer plate, but that the loss

of tubes is limited and not progressive. This self-healing feature of a tube bundle is

a worthwhile design tool.

5. Temperature cycling does not cause radial displacement of the bundle centerline with

respect to the shell and the tube bundle does not settle in the shell.

6. The rear face of the tube bundle remains plane with the exception of the reflector

area where slip occurs. Sliding is normally expected between the two outermost rows

of tubes where the ratio of axial force to peripheral friction force is highest. During

these tests, however, the slip pattern was jagged and extended up to 2 inches toward
center. One explanation is the non-uniformity in size between the reflector bars and

the fuel tubes. The average across flats dimension of the bars was only 0. 365 inch

compared to 0. 372 inch for the tubes. Radial arches in this vicinity also may have con-

tributed to the discontinuity. A second possible explanation was the eccentric loading

required on many of the reflector retainer plates. The eccentric loading consequently

permitted the outer plates to tilt and introduced high radial loads as mentioned in

item 2, above.

4. 7. 4 DOME. OR ROMAN ARCH, STRUCTURES IN COMPRESSION

To reach its full potential, a ceramic reactor operating in an oxidizing atmosphere must
eventually receive axial support from ceramic or refractory materials. Since these materials

are inherently sensitive to tensile stresses, an arch structure composed of small ceramic

blocks lbaded in compression appears inevitable. Several geometric and material variations

have been proposed at GE-ANPD, and one promising type, the ceramic dome assembly of

interlocked tubular shapes, is briefly discussed.
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theunknownquantitiesare theunknownmoments.After solvingfor themoments,the
stressesare obtainedbyuseof appropriateformulae.

Twotypesof thermalstressesshouldbeevaluated,thosedueto thegross radial tem-
peratureprofile of thecoolantleavingthetubebundle,andthosedueto thefine temperature
profiles in theplatescausedbythecoolingeffectof thesupporttubeflanges.

G ross Tempe rature Gradients

The region of the aft retainer plates most strongly influenced by these gradients lies at

the interface between the core and the outer reflector since the outer reflector is normally

strongly overcooled temperaturewise relative to the fuel elements.

Three design guides for reducing these "stresses are worth mentioning. First, it may be

desirable to use separate retainer plates for the outer reflector, and, by the proper arrange-

ment of support tubes, the retainer plates can be unitized at the knee of the temperature

curve, approximately one inch outside of the interface. Secondly, the radial temperature

profile of the coolant leaving the reflector region may be linearized. Thirdly, outer reflec-

tor coolant temperatures may be increased if several components of the radial support

system are thermally isolated from other sources conducting heat into the region.

The following equation is used for estimating the thermal stresses in a regular polygonal

plate due to a one-dimensional parabolic gradient:

_th = _EaAT

Values of the stress factor _ are shown in Fig.4. 7- 1 1 for regular polygons of N sides.

These data are derived from the clamped-plate analogy method described in reference 2.

The curves shown were derived from two points (values for T for triangles and squares)

and the fact that the slope of the curve must be zero for a circle. The indicated value for

the hexagonal geometry is 0.26; a photoelastic study yielded ex-

perimental data that agreed within 5 percent of this value.
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The dome is built up of a bundle of hexagonal tubes whose across flats dimension is

larger than that of the fuel tubes. Coolant discharged from several channels is combined in

a transition piece and flows aft through a matching channel in the dome pieces. Axial

pressure, inertial, and friction forces are transmitted to the face of the dome tube bundle,

and appear either as a uniform pressure, or as distinct rings whose maximum load is

friction-limited through slippage. At the perimeter of the assembly, the drag loading and

thrust is transmitted to a reinforced ring on a structural shell through linkage bars which

permit differential radial expansion between tube bundle and shell. Under zero drag load

conditions, the integrity of the structure is maintained by radial springs similar to those

surrounding the tube bundle. Misalignment of channels is virtually eliminated by overlapping
the tubes throughout the aft structure.

Shear is transmitted tube-to-tube within the dome by interlocking rabbet joints or similar

devices. Friction between the tubes not only augments the load-carrying ability but also

assists in maintaining dome integrity in the event of a local failure. In addition to giving

fewer parts, using larger tubes in the dome results in thicker wa21s and a greater freedom

in the design of the interlocks. Although thermal stresses in the wall increase with increas-

ing wall thickness, the comparatively low rate of secondary heating in this region permits
considerable latitude in the design.

Several critical areas must receive careful design treatment:

! The d__ferenti__2 e.._ansien between the cer_._.ic ..... hi..._a _,_ o,,,_u _._._h.. v.qth

the height of the dome, are closely related to the longitudinal displacement required

of the bundle relative to its containing shell. Rotation of the linkages requires the re-

actor to move forward against the frictional resistance of the radial spring system.

Startup and shutdown conditions must be carefully evaluated.

2. The radial pressure exerted by the thrust of the arch is inversely proportional to the

dome height. Therefore, to maintain stresses in the dome-tubes at a suitable level, the
dome height must be minimized.

3. Axial stresses due to mechanical loading in the dome-tubes are probably minor for

most designs. Tangential stresses resulting from compressive ring loading may re-

quire careful evaluation.

The significant advantages of this type of longitudinal support are as follows:

1. The high temperature capability of ceramics permits full utilization of fuel element

capabilities by not limiting coolant discharge temperatures.

2. Building blocks for the dome can be made of neutron reflecting material. However,

caution must be exercised to prevent an aft-peaking longitudinal power profile.

3. The relatively low density of ceramic materials reduces internal heat generation;

material temperatures will not greatly exceed coolant discharge temperatures.

4. Since high prestress loading is not required, stresses in components are directly

proportional to drag loading and maximum material efficiency is obtained.

5. The oxidation resistance of the ceramic materials is good, thus eliminating the
necessity to develop coatings.

All fabrication techniques required to produce the ceramic pieces required in current

versions of the dome are known, and further development is not required.



4.8 General Comments on Techniques of Reactor Handling

The following general comments are applicable to the tube bundle

reactor concept, but, with proper interpretation, they may also be

applied to other ceramic reactor concepts.

A system of reducing the many thousands of small pieces to a

relatively few, easily handleable subassemblies is almost mandatory.

Of particular merit is the cartridge assembly method wherein an

adhesive is used to bind a number of the small ceramic elements into

a manageable group with the adhesive being removed after the tube

bundle is assembled. At GE-ANPD, the bundle is divided into a

pattern of cartridges of quasi-hexagons, each perhaps six inches

across flats and running the full ceramic tube bundle length, including

any transition pieces. Fixtures are used to initially orient the ceramic

elements and a color coding system similar to that used for electrical

resistors-is used to identify individual pieces. Glue, applied as a

0.1-inch wide band at tube ends, holds the subassembly together during

inspection, handling, shipping, and assembly procedures. The cement

represents a minute portion of the tube bundle volume (< 0.05%); and

the effect on the subcritical multiplication constant is negligible.

Tolerance stackup because of the cement is negligible, but fixtures

must be used to assure proper mating of adjacent cartridges. A

cement with a low volatizing temperature and leaving a minimum of

residue is used; isobutylmethacrylate represents an acceptable cement.

Following cement burnout, the subassembled cartridges lose their

identity and the tube bundIe is fully unitized.

Cartridges of single element length are shown in Figure 4.8-1 prior

to cement removal. Figure 4.8-2 shows the same mockup after heat-

ing to approximately.600OF. Note that the subassemblies are no longer

apparent due to disappearance of the adhesive. A three tier tube bundle

assembly prior to glue burnout is shown in Figure 4.8-3. Other photo-

graphs of this reactor mockup were shown previously.

The initial reactor loading is accomplished from the center radially

outward using standard critical experimental procedures. Each cart-

ridge contains boron steel wires to poison out the reactivity as it is

loaded into the assembly. The system contains a sufficient number of

poison wires so that control rods are not required even when the

reactor is fully assembled.
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A disadvantage of the tube bundle reactor is the inability, to remotely

replace the fuel elements. In fact, maintenance is limited to the axial

retainers and control rods since the reactor is accessible only from the

ends. Inspection ports may conveniently be provided for possible visual

inspection of a portion of the face of the ceramic bundle. Ports may

also be provided in the structural shell for measuring bundle dimensional

changes following operation.

Criticality hazards affecting disassembly procedures are (i) the

possibility of inadvertently achieving criticality in the reactor assembly

at the beginning of disassembly by accidental premature removal of the

transport rods and (2) the possibility of storing either virgin or spent

fuel element and moderator pieces in an arrangement that could achieve

dry criticality. Experimeats to determine the density of beds of randomly

packed fuel elements indicate that the inherent void fractions are high

enough to preclude dry criticality. However, it is possible to obtain a

dense, systematic packing that has a higher multiplication constant than

tho_ of the _oo-+_ _÷oo,_ This _.m÷4_. occurs ..... -_-u.............. '_TT| 'l'h _I a a r* Ir_lhl "¢T in_.LAIt,_ _ Iw %J l Al=4t L bL_l_t •_L.a *.! !._ a,_L LW a*J

which a large fraction of the solid outer reflector pieces are distributed

uniformly within the region of the core. This array has (1) a higher

moderator fraction than the unperturbed reactor core and (2) a greater

multiplication constant because of the larger core and thinner reflector.

Studies of handling and storage procedures involving fuel elements

include criticality considerations of a flood or other incidents by which

the fuel elements may become submerged in water. Following reactor

disassembly, all ceramic reactor parts normally are stored under water.

The fuel elements should be stored in pool containers designed in a

manner that limits the number of fuel tubes that can be loaded into any

single container. All containers then could be stacked in columns

located on racks located in the pool. Precautions of this type are

required to prevent a supercritical geometry inadvertently being

achieved during storage of spent fuel.

Considerations must be given to decay heating and the radiation environ-

ment during the : :disassembly and storage procedures for handl-

ing a nuclearly hot reactor; significant criticality hazards may also be

caused by improper handling techniques. This subject is discussed in

APEX-908, '_XNJI40E Nuclear Turbojet. "
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FUEL ELEMENT THERMAL STEESS ANALYSIS

C_neral

This analysis includes only those thermal stresses directly associated with

the extraction of power from an individual element in the reactor and the cor-

responding bench test simulation of this problem. Fuel elements in a reactor

will also be subject to thermal stresses from other sources, but these will all

be directly related to the detailed design of the particular reactor.

These "other" sources of fuel element thermal stresses are: (i) external

constraint of the free thermal deflections of the individual elements and (2)

non-uniform temperature distributions associated wi_h asynm_trles of the reactor

core in the vicinity of an individual fuel element. Thermal stresses of this

type are parasitic in the sense that they are not directly associated with the

extraction of power from the reactor. Clever design is necessary to minimize

and if possible eliminate these parasitic thermal stresses.

The thermal stresses associated with the extraction of power cannot be

eliminated, but they can be minimized by use of an optimum geometry for the

fuel element. The results of this analysis are presented in a form which should

aid the reactor desi_mer in this optimization process.

Elastic AnalFsis

The basic approach used in this analysis is to calculate t_m thermal stresses
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w:_icn would exist in an "equivalent" circular tu_ and then app!_, "appropriate"

correction factors to account for the fact taat the actual element l_s a hexa-

Lonai outer surface. The equi_,_lence is based upon }_'=ing_ the s_ne cross-section

area in both .cases and hence the same total power generation foc a _iven volu-

metric heating rate.

The "appropriate" correction factors are ootained from a fin.ite difference

computer solution of the plane strain thermal stress problem for a tu0e with

the same actual configuration as the fuel tube but without a clad at the inner

surface.

The equivalent circular tube solution _as used because: (I) the finite

difference solution is not readily adaptable to the case with a thin clad at

the bore and (2) the cost of running the finite difference solution is several

orders of magnitude _reater t_ the cost of using the equi_n_lent circular tube

approaci_.

T,,e,_mal Stress .Analysis, of the Equivalent Circular Tube

The sol,_tion to the problem of calc_latin_i the thermal stresses in a hol-

low tires/Jar tube due to an axissvnmetric temperature distribution is readily

a_.;ailabie in tl_e literature. The solution for the axisymmetric t_rmal stress

problem in a composite circ_lar tube is obtained by usin{< the available solutions

='or a sin, le hollow tube to_tner with the necessary compatibility and equili-

brium conditions at the interface between the clad and the matrix. Using this

approach, t_e resulting the_._nal stress components _an be expressed as the sum

of two terms as follows.



i The stress due to the component's 1(clad or matrix) own temperature +

gradient.

The stress due to the inter- 7

action forces required |
to

maintain continuity at the J
clad-matrix interface.

= _ (thermal) , o (interaction) = oT + aI (A-l)

In order to utilize a linearized thermal expansion approach as discussed

in appendix B, it is necessary to separate the interaction stresses into two

parts.

-7,Interaction stress due to i

the difference in mean tern-

_I = iperatures of the clad and i +

[the matrix. ]
I Interaction stresses due to I

an isothermal temperature I

change of the element from I

T = TEE F to T = T

= oii + a12 (A-2)

The aT stresses for the general case of a long tube of outer radius, B ,

inner radius, A, and radius to any generic point, r, are given by Timoshenko (6 )

as:

B B

' E + A2\ +f
d

A A

_Tr dr - cTr21

/ m

CrTr \1_77)___) I (,__ _ Ae\ fB r= _. - -A_./ CTr dr -/

A A

B

,''E "\ [ ; 2 \ / CTr dr CT7

A

CTr dr] (A-3)
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The interaction stresses, cl,are obtained from Lame,s classical solution

for a thick walled tube subject to radial pressure-loads at the inner or outer

surface as the case may be. (The fuel element in question is actually a thin

walled tube. Lam_ 's solution is used to keep the analysis general. )

For the case of a general tube, subject to both internal pressure, Pi' and

external pressure, Po, the equations are:

PiA2 - Po_ A2_ fPo - Pi_.
%= .__A _ - 7- \_ A_/

% -- _ A_, + _
\]_ - A_I

oz = a constant to be determined by the ccmpatibility
conditions at the interface

The boundary conditions are:

at r =b _ = 0
r

at r =a _ = u = P
rc rm

Eec = earn

E = 6
zc zm

at r = Dil2 % = o

(A-5)

In addition the axial equilibrium condition is:

f dA = 0oz

A

(A-6)

lbl



Combining (A-l) thru (A-6), the interface pressure, P, is obtained as:

whe re,

m •

p = (a22 + a12) (_Tc " _Tm )

a,ll =

a,12 =

a,ll a,22 " a,12 a,2l

K K
c + m

E c E m

Vc + VmAR

Ec Em

(A-7)

a,21

a,22

2 &2 a,12

a 2 _ (Di/2)2

i AR

= E- + _
C m

a2 (Di/2 )2K = + - v

c o
b m + a 2

= + VK b_ - a_ m

a,_. (Di/P)_A R =
"b?J - 8Y '"

= Mea,n thermal expansion of the component

Substituting this into equations (A-_) and (A-6) yields

°IZc = \a,22+ a,12/
(A-8)

OlZ m = AR GIZ c

igZ



Substituting back into equation (A-4) and (A-_) and thence into equation

(A-l), yields the complete axisymmetric thermal stress solution for the long com-

posite tube. The resulting principal stresses at the interface and at the sur-
.

faces are presented in Table 3 •

The temperature solutions required to complete this analysis are readily

available in the literature ( 8 ) and hence only a summaryof the required solu-

tions is presented in Table 2 To simplify the application of these solutions,

the geometry factors Gl through Gsare plotted in Figures l_ through 16.

Appendix D presents a sample problem whicln i!!ustra±es the application of

this method of analysis.

Hexagonal Tube Correction Factors

A finite difference solution (I0) was used to obtain correction factors to

be applied to the equivalent circular tube solution. Denoting these correction

factors by H, the stress components in the actual hexagonal tube in terms of the

corresponding stress components in the equivalent circular tube may be written

as.

= II(aT + o11) + o12 (A-9)

The correction factors do not apply to the o12 stresses since these are not

associated with the temperature Lradient through the tube wall Strictly speaking

In Taoles 2 and 3, the notation C (0_) is the f_ctional notation meaning C
AU

is a function of the independent n variaole Om etc. ) n

/ : /



TABLE 2

COMPOSITE TUBE TEMPERATURES

Temperature External Heat

Difference Internal Heat Generation Flux

T m - Tb

w

T m - Ta

T c - T O

- q_ b----_2G2 (Pl)

k m

q", b2
m

km

q,,, a 2
m

2 kc

q-, a2
m

2 kc

__ GI(Pl)

aq_' G3 (P2)
km

aqa v G3 (pl)
km

(p2 _ 1) G3 (P4) - 2 Rq G2(P 3)

p22 - 1) G3(P3)+2 RqG 1(p3)

aq_' G3 (p4)
kc

aq_ G3 (p3)

kc

=T b+(Tm- Tb) - _'_A ('rm-1"c)

RA= Area Ratio = 1 - p2
2

1 -Pl

ttt

Rq = Heat Generation Ratio = qc
ttt

qm

a b

Pl= _; P2 a

D i 2a

P3 ='_'a ; P4 =Dii

1 IX 2 41nX l

1 IX2 + 1 + 4 X2 In X1G2(X) =_" _" - X2 J

[1 laX l%(x) = - +1 - x2J

X = Pl, P2, P3, or P4 as required

\ b_'_

I

Di

-Tb _

--T a

"--Tc

--T O
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Fig. I_ Internal Heat Ceneration Case: Heat transfer geometry factors, Gz

and G2, as a function of the dummy independent variable, X. To obtain

more accurate values of Cz and g2, use the original equations:

G_(×) = o.125 [x2 - 3 - (4._nx)/(z - x2)j

o2(x) = o.12_ Ix_ +l + (_ x22nx)/(1- x2)]
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Fig. 16 External Heat Flux Case: Heat transfer geometry factor Os as a func-

tion of the dum%y independent _riable, X. To obtain more accurate

values of Gs, uBe the original equetion:

Gs(x) = - [0.9 ÷ _nx)/(1 - _)]
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= 0.7

oO, 

0

Fig. 17 Composite Tube Interaction Geometry _ctor, G4: Plotted as a function

of r(a/b) for "sev'e'ralv'alue's_of '(Di/2a ) a'nd fo_ (Eo/Em) = 0.5 and

v c = vm = 0.3. To obtain G4 for other values of the variables,

the original equation is: G4 = (a22 + ai2)/[Em(alza22 - al2a21)]

where the symbols are as defined in equations A-7.
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= 0._

0

0

I I

0.2 0.4 0.6 O. 8 1.0

Fig. 18 Composite Tube Interaction Geometry Factor,.C_: Plotted as a function

of (a/b) for several values of (Di/2a) and for (Ec/Em) = 0._ and

V V
c = m = 0.3. To obtain C5 for other _lues of the variables, the

original equation is: G5 = (azz + a2z) RA/[Em(azza22 - az2a2z)],

where the symbols are as defined in equations A-7.
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O.5 1.0

X

Fig. 19 La_ Coefficient, L: Plotted as a function of the dummy independent

variable, X. To obtain more acct_ate values of L_ use the original

equation: L(X) = (1 + X2)/(1 - X2).
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Fig. 20 Hexagonal Tube Correction Factors at ti_ Critical Points: Plotted as

a function of (D_/W) for the case of uniform internal heat generation.
The dashed llnes±are the correction factors for the circumferential

stress (_e) at the points A and B. The solid lines are t!_ correction

factors for the axial stress (Oz) at the points A and D.
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there should be another correction factor associated with the GI2 stresses. For

the fuel element in question, the clad was so thin that it was obvious that this

effect could be neglected. In a system with a clad cross-sectional area which

is not small in comparison to the matrix cross-sectional area, this effect would

have to be investigated further.

The value of H is a function of the location and direction of the stress

csmponent in question. The hexagonal tube correction factors for the critical

points are plotted as a function of the (Di/W) ratio in Figure 20 for the internal
r

power generation case. In this analysis, it was assumed that the factors were

also sufficiently accurate for use in the external heat flux case. Again the

use of this assumption was made possible only by the fact that the tube was

basically a "thin walled" tube. For a thick walled tube, the correction factors

would be significantly different.

End Correction Factors

_%_e solution discussed so far is valid only for sections "sufficiently far"

removed from the ends of the tube. (By St. Venants Principle, "sufficiently

far" in this case would be about three tube wall thicknesses. ) At the tube ends

the axial stresses must vanish. This produces a local redistribution of stress

near the tube ends which is called the end effect. In general, the end effect is

difficult to evaluate. In this case, however, since the tube is thin walled,

it was assumed that the approach used by Timoshenko (-6 )is sufficiently accurate

to evaluate the end effects. The actual calculations were performed by treating

the end effect in the same manner as was done for the hexagonal tube effect_ i.e.



20

I0

o ,
0 0.1 0.2 0.3 0.4 0.5 lr/

Fig. 21 Approximate End Correction Factors: Plotted as a function of Poisson's

Ratio, v, for both the internal heat _neration (dashed lines) and

external heat flux (solid lines ) cases. The factor e_ applies to the

circumferential (a_) stress at the bore of the tube w_ile the factor

eb applies to _e a_ the outer surface of the tube.

_4 4

I/3



by applying a multiplying correction factor to the basic long tube solution. F_-

noting these end correction factors by e, the final form of the elastic stress

solutions Is:

(A-IO)

Figure 21 shows plots of these end correction factors as a function of Pois-

son's ratio for both the internal heat generation and external heat flux cases.

Residual Stresses

Residual stresses will be present in a fuel element upon return to room tem-

perature after prolonged operation at high temperature. These residual stresses

arise due to the inelastic deformations which occur in the element during opera-

tion. The residual stresses are normally difficult to evaluate due to the complex

nature of multl-axial creep deformations. In the special case of a Maxwell solid_

the principle of superposition applies, hence the residual stresses can be evalu-

ated in an elementary manner.

As an illustration, consider the case of a single, unclad, circular tube

subject to a constant internal heat generation rate during operation and cooled

at the bore.

Figure 22 illustrates the manner in which the initial elastic stresses are

relaxed by the trade-off between the elastic and creep components of the total

strain. The situation illustrated is specifically for the axial components of

stress and strain. The total axial strain, Cz, at any point will be the sum of

!
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the elastlc_ _e] creep, _c; and thermal.. ST; strains

: <= + { + _:_ [A-J.i.)
Z e c T

A long tube will be in a condition of plane strain except locally at %he

ends. This means that the total strain, _ , must be a constant whic!_ in this case
z

is simply the mean thermal strain. The thermal strain can be expressed as:

':::T = =T + _'_

whe re
-T

_T

is the mean t_erm_l strain

is the variation from the mean

Substituting this back into equations (A-].!) yields

E - -- = ,£ + £ ._, g! == 0
z =T e c "T

A-13)

therefore,

£ -_-{ = _ .! (A-l_)
e c "T

For 0 < t < t2 the temperature distrib,_tion (and hence _) remains constant

therefore, (Ref. Figure 22)

+ c = Constant b_.-J.)
e c

Therefore as relaxation due to creep occurs, there is a simple trade-ol'f

between the elastic and creep components_ If operation is contim_ed until the

elastic stresses are completely relaxed_ the situation depicted bj the third

column of figures in Fi6_re 2.2 will exist. Theoretically this time is infinite

for a Maxwell solid, but for all practical purposes this time is ,'inite and may



be of the order of minutes. Whenthe internal heat generation is removedat

t = t2:

where, E
c

.=
Z

therefore,

z = Ee + _c + -_T (A-Z6)

whe re_

= E + E
e c

= is the creep strain existin6 immediate prior to t = t2

= 0 (since the mean thermal strain is now zero)

e = - £ = - e (A-I?)
e c eo

E
eo

is the initial elastic strain at t = 0

Therefore for the case of complete relaxation, the residual elastic strains

are the negative of" the initial elastic operating strains.

Tile residual elastic stresses will cenerally be much higher than the initial

elastic operating stresses due to the fact tlmt the room temperature modulus of'

elasticity is much greater than the modulus of elasticity at the operatin6 tem-

perature.

The strain components in the otter directions will basically behave in the

same manner. Also the strain components arising from the interaction between the

matrix and the clad can be treated in a similar manner.

)



APPENDIX B

TEMPERAT_51E DEVENDENCE OF MATERIAL PROPERTIES

The small temperature range associated with most engineering applications

permits the analyst to neglect the local variation of material properties with

temperature. Reactor fuel elements have such high maximum operating temperatures

and such a wide operating temperature range that all assumptions oi' this nature

must be carefully evaluated for the particular application. For the BeO fuel

elements in this case, it turns out that for steady state operating conditions

the usual assumptions (with one exception) are still valid since the local temper-

ature variation is small relative to the mean tube temperature.

The single exception is the coefficient of thermal expansion of the mate_'ials.

Even in this case, the local variation with temperature could be i_nored if only

one material were involved. However, in this case, since tl_ clad and base ma-

terials are dissimilar a more sophisticated approach is required.

_%ere will be some temperature at which the element is initially isothermally

stress free. This temperature will be referred to as the reference temperature,

TEE F. Note that this temperature is a function of the manufacturing, cycle and

can be altered by simply annealing the element at a temperature above the equi-

cohesive point of either of the component materials.

The thermal expansion of materials is generally a non-linear function of

temperature. To avoid the associated analytical complications in then_al stress



calculations, the expansion properties are generally approximated by a linear

relationship of the form:

where, _T = thermal expansion per unit length

= a linear coefficient of thermal expansion

T = a temperature increment

There are many possible ways of defining S . The most commonly used defi-

nitions are:

(z) _ne instantaneous coefficient of thermal expansion, Si is defined

as the slope of the thermal expansion curve at the temperature in

question.

(2) The mean coefficient of thermal expansion, G , between

is defined as the slope of the secant to the thermal expansion

between temperatures Ti and T2.

The instantaneous coefficient of thermal expansion is used in thermal stress

calculations with reasonable accuracy where the temperature range is small. If

the temperature range is large the actual thermal strain, eT_ must be used in

the calculations. When two or more materials are combined into a composite body

as in the case of a clad tube, t_he use of a single value of the expansion coef-

ficient is no longer possible even though the temperature range is stall. Figure

23 graphically illustrates this point. From Figure 23, one sees that the difference
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in the mean exlm_nsions of the clad and the matrix _:a_ :,e e>_resse:i as t_e s_m, o'

three tezms (mean 7ai_,.es are deno_ed _:_:a bar o-,_er tie cot "es ,o_din q_tit/

- : -a c ) +_,_ - T_ +cq ,___- ._

where T = clad mean temperature
C

Tm = matrix mean temperature

= composite mean temperature

**

= mean coefficient of thermal expansion _tween T_E F

and T

_i = instantaneous coefficient of thezmal expansion.

atT=T

Equation (B-2) provides the relationship required to permit continued use

of a linear approximation to the thermal expansion properties in the thefmal

stress calc-L_]ations for a composite tube.



APPENDrXC

VISCOELASTIC _EIL_VIOR

Creep tests of BeO reported by Vandervoort and Barmore (i) together with

work done under the ANPD program indicate t}_t BeO bei_ves as a linear N_xwell

solid This means t_mt the creep strain rate, " ; is directly proportional to
C

the stress i.e.

= k o (C-I)
C

This has important implications in the development of a viscoelastic stress

analysis fo_" a BeO fuel element. It was shown o# Boltznmn t}mt a _eneralized

principle of super position may be used in the case of linea_" _iscoelastic materials

In addition, for the special case of a _x_ell solid subject to an initial elastic

thermal stress distribution, the relaxation due to creep will produce a simple

decay of stress amplitudes without any redistribution of stress. The decay is

exponential in for_ so that at any time_ t_ after the initial application of the

elastic thermal stresses, the stress will be

gt = ao e-St (C-2)

whe re Ob - are the initial elastic stresses

ot - are the stresses at any time, t

The use of the linear M_xwell Solid materials model implies identical properties

in tension and compression.

{.



f3 = (q/a)

G = Shear modulus

q = Viscosity

Therefore in this special case, if the initial elastic stresses can be cal-

culated, the viscoelastic stress solution at any time, t, can be obtained di-

rectly from the elastic solution by use of equation C-2.



APPENDIX D

SAMPLE PROBLEM

Fuel Element Geometr_{

W = 0.300 in.

D i = 0.234 in.

a = 0.120 in.

b _ 1.09 W = O 157_
2

Design Conditions

Reference Temperature TRE F = 70°F

Bore Temperature, To = 2500°F

Heat Ceneratlon Pates - 4' = lO Btu/sec-ln s

q"' = O.1 Btu/sec-in s
C

Material Properties - Evaluated at T = To

Modulus of Elasticity E = 15 x l0 s psi
m

Thermal Conductivity k = 18. 3 x 10 -5 Btu/sec'in-OF
m

Coefficients of

thermal expansion

= 6.8 x i0 In/In-°F

= 6.0 X lO -s In/in-°F
m

Poisson's ratio v = 0.3
m

Assume a clad material whose properties in terms of those of the matrix material

are :

204



(Ec/Em) = 0.5; (kc/k m) = 0.2; (%/%). = 1.Ol; (_c/%) = 1.01_; .Vc/Vm = 1.0

Parameter Calculations

a 1 Di 1

P1 : _ = 0.7619; p = -- = 1-313; p - = 0.975; p = -- = 1.026a P 3 2a 4 P
I 3

1 p a k Q"'- C -C

RA = _ = 0.096; RK - k = 0.2; R q_, = 0.011 - p m q
1

qmmb _,,a 2= 1356;

km kc

= 4390

Em% = 14._.5psl/°F;
1-V

m

E_
c c = 73.0 psi/°F

l-v
C

Geometrz, Factors

Gz(Pz ) = 0.0205

C_(p ) = 0.0032
l

Gs(P ) = 0.141
"I

03(_ ) = o.o13
:3

Gz(p ) = 0.00097
3

G2(P ) = 0.00096
s

03(_ ) = -O.:Le3
2

Gs(p ) = -0.013
4

}

}

Ref: Figure 19

Ref: Figure 16

G4 = 0.021

G5 = 0.048

L(p ) = 3.76

Ref: Figure 17

Ref: Figure 18

L(p ) = 39-8
3

Ref: Figure 19

ZO5
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Equivalent Circular Tube Solution

Temperatures: Reference - Table 2

q_,,b2
= G2(P ) = -ll.l°F

Tm" Tb km i

- w = _q_"b2 0_(0 ) = 27.8°F
m a k z

m

N

Tc - Ta =

q_'a2 [ i 7

k c <.i-G2(pS ) Rq + 2" (P22-1) G3(P4) Ii == -19"°°F

-T
C 0

qm a2 r i
i oJ.(o ) _ + (o "-°-l) 03(0 )7

kc L s q 2 2 s .,i
= 19.8°F

Ym- _c : (ira-_) " (lc- %) : 48°F

= Tb " (Tb - Tm) " II_A_ (Tm - Tc ) = 2564°F

Elastic Stresses Reference Table 5

r. * (_-¥)1 =

_**" =P2 = EmT (C* - c ) -5.800 psi
Matrix

Stress

Location Component GT °I1

-1615 -281_

Outer
o- 0 0

Surface r

-1615 -256
Z

4905 psi

Clad

°12 _v oii o12

220 -1449 4099 -5170

0 0 103 69

185 -1245 2448 -1900

_e 4045 -387

Inner
0 I03

Surface r

o 4045 -236
Z

3oo 1449 42_2 -524o

-69 o o o

185 1445 2448 -19oo

L:_.,



Hexagonal Tube and End Correction Factors

From Figure 20, the hexagonal t_oe correction factors are:

HA@ = l.,=Jl _B@_ = 1.h3

HAZ : 1.31 : 1.21

From Figure 21, the end correction factors are:

outer surface - eb = 1.73

inner surface - e = 0.29
a

Summ. r_ of The Fuel Element Maximum Initial and Maximum Residual Elastic Stresses

Assume that for both the clad and matrix materials.

!

= 3.0
/

Then the following table s_mm_rizes the extremes of the fuel element

thermal stresses. (Initial elastic values and elastic residual stresses at

room temperature assuming complete relaxation.)

Axial Point Stress Matrix

Location Ref. Fig. 20 Component Initial Residual

End B _e -9940 I1,820

End A _e 1900 -5700

Center A QO 5_30 -16,590

a 516o -15,48o
Z

Center D _ -2070 6,210
Z

Center B a0 -2500 7,500

Z07

Clad

Initial Residual

-770 2510

5290 -15,o70

J



LIST OF SYMBOLS

a.

A

b

c

Di

e

E

G

Tube inner radius - inches

Area - square inches

Tube outer radius - inches

Subscript referring to the clad

Fuel element inner diameter - inches

End correction factor- Non-dimensional

M_dulus of Elasticity- psi

Shear modulus - psi

GI through 05

H

k

K

L

m

o

P

q"

qt.

r

R r

R
q

Geometry factors - Non-dimensional

Hexagonal tube correction factor - Non-dimensional

Conductivity - Btu/sec-in-°F

Stiffness factors - Non-dimensional

Lamelcoefficient - Non-dimensional

Subscript referring to the mtrix

Subscript referring to the fuel element inner surface

Pressure - psi

Heat flux - Btu/sec-in 2

Volumetric heat generation rate - Btu/inS-sec

Radius - inches

Radial coordinate

Subscript referring to the radial direction

Radius ratio

Conductivity ratio

Heat generation ratio

i



t

T

LIST OF SYMBOLS (Cont'd.)

Time - seconds .

Temperature - OF

Subscript referring to temperature

W

Z

%

E

e

V

Across flats dimension of an hexagonal cross section element

Axial coordinate

Subscript referring to the axial direction

Linear coefficient of thermal expansion, in/in-oF

Instantaneous coefficient of thermal expansion, in/in-°F,

(See appendix B)

Mean coefficient of thermal expansion

Increment in the associated variable

Strain - inch/inch

Angular coordinate

Subscript referring to the 8 direction (tangential or circum-
ferential stress )

Poisson' s ratio

Stress - psi (a negative value indicates a compressive stress)

Viscosity - psi/sec

A bar, (-), over a symbol denotes the mean \_lue of the

associated quantity.


